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Abstract 
 

 

 

The offshore wind energy industry has exponentially grown during the past decades. 

Monopiles with large diameters and reduced slenderness ratios are the most common 

foundation solutions for Offshore Wind Turbines (OWTs). Such monopile foundations 

behave differently from the long slender piles with small diameters, for which the current 

design standards were developed. Therefore, further investigation on the behavior of such 

foundations needs to be conducted, so new design and modelling methods for large diameter 

monopiles are proposed and applied in the engineering practice. 

In the present work, the behavior of laterally loaded monopiles in sands is investigated using 

a numerical approach based on three-dimensional (3D) Finite Element (FE) modelling and 

one-dimensional (1D) finite difference modelling. In the 3D FE simulations, hypoplastic 

constitutive models were used to simulate the behavior of the soil supporting the monopiles. 

The hypoplastic model for sands proposed by von Wolffersdorff (von Wolffersdorff, 1996) 

combined with the Intergranular Strain (IS) extension proposed by Niemunis and Herle 

(Niemunis & Herle, 1997) was used for this purpose. The FE models were built using the 

commercial software Abaqus Standard incorporating user material codes (UMATs). In 

addition, the 1D modelling of monopiles was conducted following the Beam on a Non-linear 

Winkler Foundation (BNWF) approach by means of a developed MATLAB script. The scope 

of the modelling work was narrowed to monopiles in cohesionless soils subjected to 

monotonic lateral loads. 

For the analysis of monopiles under monotonic lateral loading conditions, a series of 3D FE 

simulations were conducted accounting for variations of pile geometry, soil properties and 

loading cases. The simulations results were used to propose and calibrate a novel 1D 𝑝-𝑦 

model based on the BNWF approach for large diameter monopiles subjected to lateral 

loading. The 𝑝-𝑦 model was formulated in the present study considering new distributions 

for the ultimate soil resistance 𝑝𝑢 and the initial subgrade modulus 𝐸𝑝𝑦0 along depth, as well 

as a shear force at the base of the monopile. Also included in the formulation of the 𝑝-𝑦 

equation was a factor that accounts for the effects of soil density and loading amplitude on 
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the accumulation of pile displacements under cyclic lateral loading conditions, termed as the 

‘cyclic factor’. The calibration of the cyclic factor was conducted considering some FE 

simulations results of long-term cyclic lateral loaded monopiles previously reported in the 

literature. At the end, the performance of the proposed model was evaluated through 

comparisons with a field test and a centrifuge test.  
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1.  

Chapter 1: Introduction 

 
1.1. Framework of the Research Project 

1.1.1. Wind energy 

According to the Global Renewables Outlook report by the International Renewable Energy 

Agency (IRENA), carbon dioxide emissions related to the energy industry have been 

increasing year over year for the past decade at a rate of 1 per cent per year (IRENA, 2020). 

However, as stated in the mentioned report, emissions should instead reduce by a minimum 

of 3.8 per cent each year to ensure a climate-safe energy system. The need for energy 

decarbonization is imminent considering the increasing negative environmental effects of 

climate change, like air, water and soil pollution. Global and regional commitments have 

been made to address this problem and to guide the transformation of the global energy 

system to a sustainable zero-carbon system. Some examples are the United Nations 2030 

Agenda, the Paris Agreement in 2015 and the European Green Deal. In the years to come, 

in order to meet the stablished sustainability goals, policy initiatives and investments into the 

global renewable energy infrastructure will be needed.  

Modern renewable energy markets provide a major contribution for the energy 

decarbonization plans. According to the IRENA, these markets represent nowadays, apart 

from traditional uses of bioenergy, about 10 per cent of the global energy consumption 

(IRENA, 2020). However, their contribution has to increase up to 66 per cent in order to 

keep the global temperature rise below 2 °C during this century, as it is desired. Wind energy 

is a type of modern renewable energy that has been exploited worldwide for the past decades 

and it is expected to grow significantly in the years to come. It is by now the second largest 

renewable energy source after hydropower (IEA, 2019b). According to the 15th Global Wind 

Report by the Global Wind Energy Council (GWEC), the current global cumulative wind 

power capacity has reached about 651 Gigawatts (GW) (GWEC, 2020). Also, new 

installations of about 60.4 GW of power capacity were made in 2019, which corresponds to 
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an increase of 19 per cent compared to the new installations in the previous year and 

demonstrates the accelerated growth of the wind energy industry. 

As per the GWEC in (GWEC, 2020), in terms of cumulative installations, the largest markets 

up to date are the People’s Republic of China, the United States of America, Germany, India 

and Spain. In terms of new installations in 2019, the largest markets were the People’s 

Republic of China, the United States of America, the United Kingdom, India and Spain. 

Accordingly, the regions with most investments on the wind energy industry in 2019 were 

Asia Pacific, Europe and North America, with 50.7 per cent, 25.5 per cent and 16.1 per cent 

of the global new installations respectively.  

Wind energy sources have proven their potential to be a principal source of energy for a 

country. For example, in the case of Denmark, almost 50 per cent of the generated electricity 

in 2018 was provided by this industry (IEA, 2019a). Moreover, in the case of Germany, wind 

energy was the main energy source in 2019, surpassing any other type of energy sources, 

including lignite and hard coal (GWEC, 2020). 

1.1.2. Offshore wind energy  

According to the International Energy Agency (IEA), offshore wind energy stands as a latent 

pillar of the future world’s energy supply, having the technical potential to supply more than 

the total energy consumed worldwide (IEA, 2019b). Fig. 1 presents an sketch of an Offshore 

Wind Turbine (OWT) supported by a monopile foundation. Its main parts are indicated, 

including foundation, substructure or transition piece, tower and rotor-nacelle assembly.  

 
Fig. 1 Main parts of an offshore wind turbine. 
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Offshore locations provide benefits over onshore sites such as less turbulent winds with more 

consistent wind speed and direction, as well as the avoidance of land use and less aesthetic 

impact. Besides, the competitiveness of this industry increases, as the technology 

continuously expands with larger turbines and higher turbine ratings, and also as risks and 

uncertainty for investors reduce due to gained experiences in the past years (IRENA, 2020). 

The offshore wind energy industry has been growing at a positive rate of 30 per cent each 

year from 2010 to 2018 (IEA, 2019a). This industry also logged record installations of 6.1 

GW in 2019, achieving a total offshore wind power capacity of 29 GW, as reported in 

(GWEC, 2020). According to the latter report, the United Kingdom is by now the largest 

market in terms of cumulative offshore wind power capacity. In terms of new installations, 

the largest markets in 2019 were the People’s Republic of China, the United Kingdom and 

Germany, with new installations of 2.3 GW, 1.8 GW and 1.1 GW respectively.   

Technology improvements in the offshore wind energy field continuously lead to larger-

capacity turbines by allowing the increase in their hub heights and rotor diameters. While in 

2010, the average turbine rating was 3.0 MW, in 2018 this value increased to 5.5 MW 

(IRENA, 2019). Following the estimations from the IRENA (IRENA, 2019), offshore wind 

turbines with power ratings of 15 to 20 MW are expected to be commercially available in 

two decades (see Fig. 2, where RD stands for Rotor Diameter).  

 

Fig. 2 Evolution of the average size of offshore wind turbines. Taken from (IRENA, 2019). 

1.1.3. National framework: Colombia 

Colombia’s energy market depends primarily on hydropower and thermoelectric plants using 

fossil fuels such as natural gas, coal and diesel as energy sources. In 2019, the country’s 

energy installations reached about 17.5 GW of national power capacity, which is distributed 

as 11.92 GW for hydropower (68.24 per cent of the total power capacity), 5.37 GW for 

fossil fuels (30.75 per cent) and less than 0.2 GW for biomass, solar and wind energy (1.01 
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per cent) (XM, 2019). Based on these statistics, Colombia’s wind power installations in 2019 

had a capacity of 18.42 MW, corresponding to the only wind park in the country connected 

to the National Interconnected System, namely the Jepírachi wind park located in the 

country’s northern peninsula  a Guajira.  

Although hydropower stands as the main source of energy, when El Niño phenomenon 

occurs, severe droughts in the country cause it to depend on its second largest source of 

energy, which are fossil fuels. As stated by the Planning Office for Mining and Energy 

(UPME, for its acronym in Spanish), this dependence represents a periodic and increasing 

risk of scarcity and high energy prices for the country (UPME, 2015).  he country’s need for 

diversification of the energy matrix could be addressed by the inclusion of modern renewable 

energy sources, such as wind energy. 

Many studies have shown the high technical potential for wind energy in the country. 

Specifically, the country’s northern Caribbean coast and the departments of Santander,  orte 

de Santander, Risaralda, Tolima, Valle del Cauca, Huila and Boyacá have been addressed as 

potential locations for wind energy harnessing (UPME, 2015). Fig. 3 shows the annual 

distribution of the wind speed at a height of 80 m across the country as reported by the 

National Meteorological, Hydrological and Environmental Institute (IDEAM, for its 

acronym in Spanish). Wind speeds near 15 m/s are obtained in the country’s northern 

Caribbean coast, which indicates a high potential for offshore wind energy harnessing. Some 

estimations suggest that the national energy demand could be fulfilled only by using half of 

the technical wind energy potential in the region La Guajira, which was evaluated as 18 GW 

(Pérez Bedoya & Osorio Osorio, 2002). Also, according to (Carvajal-Romo et al., 2019), the 

onshore and offshore wind energy potential in La Guajira could provide seven and eight times 

the national demand respectively. Added to this is the fact that there is a complementarity 

between wind- and hydropower energy in Colombia (Vergara et al., 2010). 

In spite of its excellent potential in the country, wind energy remains as an unexploited 

energy resource. However, recent progress in the inclusion of non-conventional renewable 

energy sources have been seen in the last couple of years. In 2014, Law 1715 was released 

aiming to promote the development and use of non-conventional energy sources, mainly 

those of a renewable nature. Moreover, 23 new wind energy projects were registered in 2019 

in the UPME system which are either under pre-feasibility or feasibility studies (UPME, 

2020). Also in 2019, the country launched auctions, as a market-based mechanism to support 

the development of the renewable energy market. Resulting from this, in October 2019, 15-

year Power Purchase Agreement deals were awarded to seven wind power projects, which 

are expected to provide 1.17 GW of wind power in La Guajira by 2022 (GWEC, 2020). For 

all that, Colombia has been positioned as a potential powerful wind market in Latin America 

(GWEC, 2020). 
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Fig. 3 Distribution of the wind speed in m/s at a height of 80 m in Colombia. Modified 

image. Taken from (IDEAM, 2015). 

1.1.4. Foundations for offshore wind turbines 

There are several foundation concepts for offshore wind turbines, such as gravity based, 

monopile, suction bucket, jacket and tripod foundations, as shown in Fig. 4. Large 

environmental lateral loads of cyclic nature, as well as large gravitational loads, must be 

resisted by the chosen foundation. The most popular foundation concept are monopile 

foundations, mostly because of its relatively low-cost and ease of installation. A monopile 

foundation consists of an open-ended pipe pile made of steel with a large diameter of several 

meters. These foundations are installed into the seabed by driving, jacking or vibrating 

installation methods. In 2019, monopiles covered 81 per cent of the installed foundations 

for offshore wind turbines in Europe, corresponding to 4258 units, followed by jacket 

foundations with 8.9 per cent (WindEurope, 2020).  
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Fig. 4 Foundation concepts for offshore wind turbines. Taken from (Arshad & O’Kelly, 

2016). 

Monopile foundations are suitable for shallow to intermediate water depths of less than 50 

m (IEA, 2019a). The typical outer diameter 𝐷 of monopiles ranges between 3 m and 8 m. 

However, diameters up to 10 m are being considered in the industry, termed as ‘XL 

monopiles’. Monopiles usually have embedment lengths 𝐿 between 20 m and 40 m, keeping 

an embedment length-to-diameter ratio (𝐿/𝐷) of less than 10.  

As long as larger turbines are developed, loading demands on foundations will increase and 

consequently larger foundations will be needed to support them. The analysis of monopiles 

with larger diameters is under current state of research. The proper analysis and design 

optimization of these structures is crucial for the feasibility of future projects, considering 

that the cost of foundations corresponds to about 25 per cent of the total cost of an offshore 

wind project (IEA, 2019a). 

1.1.5. General considerations on the design of monopiles in sands 

A brief overview of several factors considered in the analysis and design of monopiles 

founded in sands are presented below.  

1.1.5.1. Loading conditions 

The analysis and design of monopiles for offshore wind turbines is a multidisciplinary task, 

which considers the site-specific geotechnical conditions as well as the ocean-environmental 

loading conditions. Offshore wind turbines are subjected to environmental loads generated 
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by the action of wind, ocean waves, water currents and mean sea level variations due to tides 

and swell, see Fig. 5. Ideally, these loads are transmitted to the monopile as equivalent 

horizontal forces and bending moments at the pile head, along with the static axial load due 

to the self-weight of the superstructure. The lateral environmental loads on monopiles have 

a cyclic nature with varying direction, amplitude and frequency.  

For monopile foundations, lateral loads are more significant in magnitude than vertical loads. 

Therefore, the analysis of monopile foundations under lateral loading is the major concern 

(Arshad & O’Kelly, 201 ). Often, the loading conditions on monopiles are simplified as 

unidirectional monotonic or quasi-static cyclic loading composed by several load parcels 

with constant amplitude. However, considering the complex nature of the loading conditions, 

several topics are still open for investigation, such as the evaluation of  multi-amplitude cyclic 

loading (Abadie et al., 2015; Wang & Larsen, 2019), multi-directional lateral loading (Sheil 

& McCabe, 2017; Staubach & Wichtmann, 2020), combined axial and lateral loading (Lu & 

Zhang, 2020), among others. 

Monopiles must also withstand dynamic lateral excitations caused by the vibrations of the 

superstructure. The most relevant excitations for design are related to mass imbalances in the 

blades and the so-called blade shadowing effect, which is caused by the blades passing the 

tower. The first has a frequency equal to the rotor revolution frequency (termed as 1𝑃) and 

the latter has a frequency equal to thrice the rotor revolution frequency (termed as 3𝑃) (Arany 

et al., 2017).  

 
Fig. 5 Loading conditions on an offshore wind turbine. Taken from (Arshad & O’Kelly, 

2016). 
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1.1.5.2. Geotechnical design considerations 

According to current design standards, such as the Det Norske Veritas - Germanischer Lloyd 

Group (DNV-GL-AS, 2016) and the American Petroleum Institute (API, 2014a) standards, 

the geotechnical design of monopiles in sands must be checked with respect to two limit 

states, namely, the Ultimate Limit State (ULS) and the Serviceability Limit State (SLS). The 

design is usually controlled by the SLS rather than the ULS. 

For the design in the ULS, monopiles must resist the action of lateral and axial loading under 

extreme loading conditions. According to the DNV-GL standards (DNV-GL-AS, 2016), two 

requirements shall be met. First, the theoretical ultimate pile resistance must be compared to 

the design loads. Second, the pile displacements and rotations at the pile head under extreme 

lateral loading conditions must not reach excessive values that can be considered as a failure 

state.  

For the design in the SLS, the permanent pile displacements and rotations at the pile head 

must be under some defined deformation limit to ensure adequate turbine performance. 

Special attention must be given to the behavior under long-term cyclic loading. The DNV-

GL standards (DNV-GL-AS, 2016) recommend to set 0.5° as the maximum allowable 

accumulated rotation at the pile head, from which 0.25° account for possible pile rotations 

caused during the installation of the monopile and 0.25° account for the permanent rotation 

due to the lateral loading. 

1.1.5.3.Dynamic design considerations 

The analysis of the dynamic behavior of monopiles regarding its small-strain stiffness, 

natural frequency and damping is also a relevant topic, specially for the design of the entire 

OWT structure. The natural frequency of the OWT and foundation system 𝑓0 should be 

carefully estimated in order to avoid possible resonance phenomena with the excitation 

frequencies. In practice, this resonance avoidance criterion is accomplished by a “soft-stiff” 

design, in which 𝑓0 is greater than the rotor frequency 1𝑃 and lower than the blade passing 

frequency 3𝑃, see Fig. 6. The DNV-GL standards (DNV-GL-AS, 2016) recommend to 

satisfy the conditions 1𝑃/𝑓0 ≤ 0.95 and 3𝑃/𝑓0 ≥ 1.05. The 1𝑃 frequency band usually lies 

between 0.17 Hz and 0.33 Hz, while the 3𝑃 frequency band usually lies between 0.5 Hz and 

1.0 Hz (Arshad & O’Kelly, 201 ). 

The natural frequency 𝑓0 is influenced by the soil-structure interaction. For its proper 

estimation, it is necessary to calculate the soil-monopile dynamic stiffness under small-strain 

amplitudes, which strongly depends on the soil behavior. This task is rather complicated since 

several topics must be considered, such as the effect of long term cyclic loading conditions 

on the soil stiffness, soil dissipative phenomena (damping), hydro-mechanical coupling 

under cyclic loading conditions, among others. Some studies have found that the measured 

natural frequencies of OWTs are higher than the previously calculated design values, which 
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may be related to an underestimation of the pile-soil stiffness (Damgaard et al., 2014; D. 

Kallehave et al., 2012), and may result in waste of pile material and more fatigue damage 

accumulation (Versteijlen et al., 2014). This discrepancy and the assessment of the different 

factors affecting the soil-structure interaction is still a research topic unresolved.  

 
Fig. 6 Dynamic design criteria for offshore wind turbines. Taken from (Dan Kallehave et 

al., 2015). 

1.1.5.4. Main issues of current design approaches 

The geotechnical analysis approach for OWT monopiles was developed from the semi-

empirical approach and design criteria already developed for piles from the offshore oil and 

gas industry. In comparison with the latter, monopile foundations present larger diameters as 

well as smaller length-to-diameter ratios. Therefore, the extrapolation of such criteria to 

OWT monopiles has been widely questioned in the literature, mainly because of their larger 

size and more significant lateral cyclic loads (Westermann et al., 2014b; Choo & Kim, 2016; 

Byrne et al., 2017; Martin Achmus et al., 2019).  

As for the monotonic response, the conventional design method for monopiles in sands, i.e. 

the 𝑝-𝑦 method by API (API, 2014a), was developed for flexible slender piles with small 

diameters (Cox et al., 1974;  urchison & O’ eill, 1984). In contrast, monopiles are likely 

to exhibit a rigid or semi-rigid behavior with a combination of translational and rotational 

motion. Resulting from this discrepancy, the applicability of some aspects of the 

conventional 𝑝-𝑦 method as the distributions of the initial soil-stiffness and the ultimate soil 

resistance has been questioned in the literature (M. Achmus et al., 2007; Bouzid, 2018; Choo 

& Kim, 2016; D. Kallehave et al., 2012; W. Li et al., 2017; Sørensen et al., 2010; Wiemann 

et al., 2004). Furthermore, rigid or semi-rigid pile motion are related to additional soil 

reactions, different from the lateral soil reaction 𝑝 already considered in the 𝑝-𝑦 method 

(Byrne et al., 2017; W. Li et al., 2017; Burd et al., 2019). Despite their relevance on the 

analysis of monopiles, there is still no consensus on how to evaluate these types of additional 

reactions in engineering practice for different types of soils.  
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As for the cyclic response, there is a lack of guidance in the design standards on how to assess 

the accumulated response of monopiles due to long-term cyclic loading (Ma et al., 2017). 

The methods from the oil and gas offshore industry, as the one by API (API, 2014a), are not 

suitable, since they are based on the results from tests on small diameter piles under a 

relatively small number of load cycles (Cox et al., 1974). Moreover, these methods do not 

consider some factors affecting the accumulated deflection, such as the number of load 

cycles, soil density and the loading amplitude, already confirmed by some authors (Staubach 

& Wichtmann, 2020; Westermann et al., 2014b). These and other limitations motivate to 

conduct more investigation on new methods providing accurate estimations to overcome the 

mentioned issues. 

1.2. Research justification and purpose of the research project 

As a novel and rather immature technology, offshore wind engineering is still under 

continuous development in many fields. Particularly, the design of monopile foundations for 

offshore wind turbines faces several challenges. Probably, one of the most important issues 

is the lack of applicability of the design methods adopted from the offshore oil and gas 

industry. Besides, as larger turbine sizes are being proposed in the industry, larger 

foundations will be needed. Consequently, the dimensions of monopiles may fall 

continuously further from the range of pile geometries already studied in the field of offshore 

geotechnical engineering.  

In order to ensure a reliable design for OWT monopiles, the need is identified to study new 

approaches to the analysis of monopile foundations taking into account their associated range 

of pile geometries and loading conditions. Furthermore, considering that foundations 

represent a significant part of the budget of a wind energy project, optimizing the pile 

geometry through improved design methods is relevant to the feasibility of future projects. 

In light of this, the current research project focuses on the application of numerical methods 

to improve the analysis and design of monopile foundations for OWTs under monotonic and 

long-term cyclic loading conditions. To begin, the study focuses on three dimensional (3D) 

Finite Element (FE) modelling of these structures. This modelling approach offers several 

benefits on the analysis of monopile foundations. First, it considers the non-linearity of the 

soil response as well as its volumetric behavior. With the use of advanced constitutive laws 

to model the soil behavior, accurate predictions of the whole monopile-soil system are 

expected. Second, the study of complex soil-structure interactions, such as the one between 

the monopile and supporting soil, is usually accomplished through 3D numerical techniques 

such as FE modelling. Third, it is a relatively low-cost technique for analyzing varying 

geometries, as well as different loading and soil conditions. Thus, this work attempts to offer 

an insight into the complex monopile response using 3D FE modelling, and it is additionally 

offered as an example of the use of 3D FE modelling for offshore geotechnical applications. 

In addition, although FE modelling is a very capable tool, it can also be very time-consuming 
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for design. As consequence, this research project also deals with one-dimensional (1D) 

modelling of monopiles using the Beam on a Non-Linear Winkler (BNWF) approach. The 

main idea is to provide a simplified methodology to analyze monopiles, which corresponds 

to the development of a novel 1D 𝑝-𝑦 model considering the results from the performed 3D 

FE simulations. 

1.3. Research objectives 

1.3.1. General objective 

To develop a novel 𝑝-𝑦 model for offshore monopiles for wind turbines founded on granular 

soils under monotonic and cyclic loading. 

1.3.2. Specific objectives 

i. To compile and analyze current modelling and design approaches for laterally loaded 

monopiles. 

ii. To develop 3D FE models for the simulation of laterally loaded monopiles 

incorporating advanced soil constitutive models. 

iii. To analyze the performance of the soil-monopile system under monotonic conditions 

considering variations of pile geometry, soil conditions and loading cases. 

iv. To provide possible modifications on current standards in order to improve the 

modelling and design of monopiles under static loading conditions and long-term 

cyclic loading conditions. 

1.4. Research structure and methodology 

The contents of this thesis have been organized into the following chapters: 

In Chapter 1, the project framework is presented along with the research justification, 

purpose, objectives and structure. The project framework covers topics such as the wind 

energy market at a global and national scale, along with general information about offshore 

monopile foundations and relevant issues concerning their analysis and design. 

In Chapter 2, a review of the literature on laterally loaded monopiles in sands is provided. 

The conventional analysis of a laterally loaded monopile is outlined. For this, the 𝑝-𝑦 method 

is carefully explained. The most known design standards and their limitations are also 

presented. Then, an overview of state-of-the-art research works on laterally loaded monopiles 

is provided.  

In Chapter 3, the soil constitutive modelling approach adopted in the present study is 

addressed. First, the basics of hypoplastic modelling of soils are explained. Then, the chosen 

soil constitutive models incorporated in the FE models are introduced, namely, the 

hypoplastic model for sands by von Wolffersdorff (von Wolffersdorff, 1996) and the 
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Intergranular Strain (IS) extension for hypoplastic models by Niemunis and Herle (Niemunis 

& Herle, 1997). 

In Chapter 4, a comprehensive parametric numerical study of monopiles under static lateral 

loading conditions using 3D FE simulations is presented. Variations of pile geometry, 

loading cases and soil materials are accounted for.  he model’s geometry, mesh generation, 

simulation steps, materials, applied loads and soil-structure interaction configuration are 

described. The results are presented and discussed. 

In Chapter 5, a simplified 1D model for large diameter monopiles in sands under static- and 

long-term cyclic lateral loading conditions is proposed. The model is calibrated using the 

results from the parametric numerical study from Chapter 4 and other FE simulations results 

found in the literature. The capabilities of the model are evaluated by comparing the results 

of the proposed 1D model with experimental field and centrifuge tests. 

In Chapter 6, a summary of the conclusions from previous chapters are presented. 
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2.  

Chapter 2: Literature Review on laterally 

loaded monopiles 

 
2.1. Conventional 𝒑-𝒚 analysis 

2.1.1. 𝒑-𝒚 method and BNWF approach 

The Beam on a Non-linear Winkler Foundation approach (BNWF) is frequently employed 

on engineering design for the analysis of laterally loaded monopiles and has been 

recommended in several design guidelines such as (API, 2014a; DNV-GL-AS, 2016). In this 

method, also known as the 𝑝-𝑦 method, the monopile is simplified as an elastic Euler-

Bernoulli beam supported by uncoupled springs with non-linear depth-dependent elastic 

behavior, which represent the lateral soil reaction. The spring stiffness is given by the secant 

stiffness of the so-called 𝑝-𝑦 curves, which relate the lateral soil reaction 𝑝 with the pile 

horizontal displacement 𝑦 at a given depth, see Fig. 7.c.  

The lateral soil reaction 𝑝 can be understood as the result from the integration around the pile 

perimeter of the lateral components of the mobilized radial stresses acting on the pile. When 

a pile is unloaded, the distribution of radial stresses around the pile is ideally uniform, as 

shown in Fig. 7.b, and there is no lateral soil reaction. Once the monopile is laterally loaded 

and deflects, it experiences an increase of the radial stresses acting on the pile which results 

in the lateral soil reaction 𝑝. 

The basic principles of the 𝑝-𝑦 method were developed by Reese and Matlock (Lymon C 

Reese & Matlock, 1956) and McClelland and Focht (McClelland & Focht, 1956). These 

works were motivated by the expansion of the offshore oil and gas industry in the 1950s. 

Later, Cox et al. (Cox et al., 1974) presented the results from a series of tests on full-scale 

fully instrumented piles in medium dense sand at Mustang Island, Texas. These tests became 

the basis for the early formulations of the 𝑝-𝑦 method in the following years. 
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Fig. 7 Sketch of the conventional BNWF approach for laterally loaded piles. Taken from 

(Arshad & O’Kelly, 201 ). 

The tests by Cox et al. (Cox et al., 1974) were conducted on two identical slender pipe piles 

made of steel with a diameter of 0.61 m and a length-to-diameter ratio of 34.4. Two static 

and five cyclic tests with less than 100 loading cycles were conducted. Based on those 

results, Reese et al. (Lymon C. Reese et al., 1974) presented the first formulation for 𝑝-𝑦 

curves in sands. This is a semi-empirical formulation in which the 𝑝-𝑦 curves consist of four 

segments assembled together, namely an initial straight line to define the initial subgrade 

reaction modulus 𝐸𝑝𝑦0, a parabolic function, another straight line and a horizontal upper 

limit, termed as the ultimate soil resistance 𝑝𝑢. The latter was analytically obtained by Reese 
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et al. (Lymon C. Reese et al., 1974) assuming a wedge type failure mechanism at the top of 

the pile and a flow-around failure mechanism at greater depths. An empirical factor was 

introduced in the formulation of 𝑝𝑢 to match the results from the field tests. Later, Murchison 

and O’ eill ( urchison & O’ eill, 1984) suggested a simplified version of the formulation 

by Reese et al. (Lymon C. Reese et al., 1974) which displays a tangent hyperbolic form for 

the 𝑝-𝑦 curve and introduces a simplified relationship for 𝑝𝑢. This relationship was validated 

against a relatively large database of full-scale laterally loaded pile tests and it was later 

adopted by design codes.  

2.1.2. 𝒑-𝒚 curves 

Nowadays, 𝑝-𝑦 curves are available in engineering practice from different types of sources, 

such as in-situ testing on instrumented piles, proposed empirical and analytical formulations 

in the literature and site-specific advanced numerical simulations. Regarding the empirical 

and analytical formulations, several 𝑝-𝑦 curves have been proposed for very specific types 

of soils, pile geometries and loading conditions. These curves usually depend on the pile 

geometry and on some measure of the soil strength, such as soil properties from laboratory 

testing or results from CPT field testing. Probably, the most employed curves for sands are 

the ones recommended by the API guidelines (API, 2014a), which are a modified version of 

the original 𝑝-𝑦 curves proposed by Reese et al. (Lymon C. Reese et al., 1974). 

A typical 𝑝-𝑦 curve is shown in Fig. 8. 𝑝-𝑦 curves are usually described by two components, 

namely, the ultimate soil resistance 𝑝𝑢 and the initial reaction modulus 𝐸𝑝𝑦0 (or 𝐸𝑝𝑦
∗  as in 

Fig. 8). A brief outline is given below for each component.  

i. Ultimate soil resistance, 𝑝𝑢:  

It corresponds to the maximum value of the lateral soil reaction. After 𝑝𝑢 is 

reached, no additional lateral resistance can be gained. Instead, depending on the 

𝑝-𝑦 formulation, either the lateral resistance can stay constant for increasing 

displacements or it can display a softening behavior.  

ii. Initial reaction modulus, 𝐸𝑝𝑦0:  

It is the initial value of the subgrade reaction modulus, 𝐸𝑝𝑦. The latter corresponds 

to the slope of the secant of the 𝑝-𝑦 curve at a certain point, i.e. 𝐸𝑝𝑦 =  𝑑𝑝/𝑑𝑦. 

Many authors argue that the initial reaction modulus can not be understood as a 

soil property, since it is instead a parameter resulting from the interaction between 

soil and foundation. The value 𝐸𝑝𝑦0 is of great importance for the dynamic 

assessment of the monopile.  
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Fig. 8 Sketch of the components of a typical 𝑝-𝑦 curve. Taken from (Brødbæk et al., 2009). 

2.1.3. Governing beam-column differential equation 

The 𝑝-𝑦 method requires the solution of the governing fourth-order differential equation for 

a beam-column supported by an elastic foundation. Its derivation was given by Hetenyi 

(Hetenyi, 1946) and is hereafter described. It considers an elastic pile with bending stiffness 

𝐸𝐼 under the action of an axial compressive force 𝑁 and lateral horizontal loading applied at 

the top. An infinitely small element of the pile with length 𝑑𝑥 is examined, as shown in Fig. 

9. The element is subjected to a pair of vertical compressive forces 𝑁, the shear forces 𝑉𝑣 and 

(𝑉𝑣 + 𝑑𝑉𝑣), the moments 𝑀 and (𝑀 + 𝑑𝑀) and the distributed soil reaction 𝑝. The 

equilibrium of moments about point 𝑂 gives:  

(𝑀 + 𝑑𝑀) −𝑀 +𝑁 𝑑𝑦 − (𝑉𝑣 + 𝑑𝑉𝑣)𝑑𝑥 − 𝑝 𝑑𝑥
𝑑𝑥

2
= 0 

(1) 

If the second-order terms are neglected, the latter equation results in:  

(𝑀 + 𝑑𝑀) −𝑀 +𝑁 𝑑𝑦 − 𝑉𝑣  𝑑𝑥 = 0 (2) 

 
Fig. 9 Forces acting on an infinitively small element of the pile. Modified image. Taken 

from (L. C. Reese & Van Impe, 2011). 
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Simplification and double differentiation with respect to 𝑥 of the last equation gives: 

𝑑𝑀

𝑑𝑥
+𝑁

𝑑𝑦

𝑑𝑥
− 𝑉𝑣 = 0 (3) 

𝑑2𝑀

𝑑𝑥2
+𝑁

𝑑2𝑦

𝑑𝑥2
−
𝑑𝑉𝑣
𝑑𝑥

= 0 (4) 

Substitution of the identities 𝑑𝑉𝑣/𝑑𝑥 = 𝑝 = −𝐸𝑝𝑦𝑦  and 𝑑2𝑀/𝑑𝑥2 =  𝐸𝐼 𝑑4𝑦/𝑑𝑥4 in the 

last equation gives the governing differential equation for the bending of the pile:  

𝐸𝐼
𝑑4𝑦

𝑑𝑥4
+𝑁

𝑑2𝑦

𝑑𝑥2
+ 𝐸𝑝𝑦 𝑦 = 0 (5) 

where 𝑦 is the pile displacement at a given depth 𝑧 and 𝐸𝑝𝑦 = 𝑑𝑝/𝑑𝑦 is the spring stiffness 

representing the soil reaction.  

2.1.4. Solution of the beam-column differential equation 

Different types of solutions for the governing differential beam-column equation are 

available in the literature, including simplified closed-form solutions and numerical 

approaches. This section refers to the solution of the governing differential equation by 

numerical iteration using Finite Difference calculations. For this, the pile is discretized into 

𝑛 segments which results in 𝑛 + 1 nodes. The pile segments have a length of ℎ = 𝐿/𝑛, where 

𝐿 is the embedment length of the pile (see Fig. 10). Equation (5) shall be applied on each 

node along the pile. To do so, the derivates are evaluated through Finite Difference equations 

as:  

 
𝑑2𝑦

𝑑𝑥2
|
𝑥=𝑖

  =
𝑦𝑖−1 − 2𝑦𝑖 + 𝑦𝑖+1

ℎ2
 (6) 

𝑑4𝑦

𝑑𝑥4
|
𝑥=𝑖

  =
𝑦𝑖−2 − 4𝑦𝑖−1 + 6𝑦𝑖 − 4𝑦𝑖+1 + 𝑦𝑖+2

ℎ4
 

(7) 

Therefore, the finite difference form of Equation (5) for a given node at 𝑥 = 𝑖 reads: 

𝑦𝑖−2 𝐸𝐼 + 𝑦𝑖−1(−4 𝐸𝐼 + 𝑁 ℎ
2) + 𝑦𝑖(6 𝐸𝐼 − 2 𝑁 ℎ

2 + 𝐸𝑝𝑦𝑖  ℎ
4) + 𝑦𝑖+1 (−4 𝐸𝐼 +

𝑁ℎ2)  + 𝑦𝑖+2 𝐸𝐼 = 0  
(8) 

Note that the last equation requires the pile displacements of the node at 𝑥 = 𝑖 (𝑦𝑖) and the 

displacements of the four adjacent nodes (𝑦𝑖−2, 𝑦𝑖−1, 𝑦𝑖+1 and 𝑦𝑖+2). To solve the last 

equation for the nodes at the pile head and pile base, two fictional nodes below the pile base 

and two above the pile head needs to be considered, see Fig. 10.  
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Fig. 10 Discretized pile for the Finite Difference calculations. Taken from (Bouzid, 2018). 

A number of 𝑛 + 1 equations can be written of the form of Equation (8) for each node along 

the pile. In consequence, the set of 𝑛 + 1 equations results with 𝑛 + 5 unknowns, 

corresponding to the displacements of all fictional and non-fictional nodes along the pile. 

Therefore, four boundary conditions are needed to complete the set of equations. For a free-

head pile, the following equations are commonly employed:  

i. Horizontal load 𝐻 applied at the pile head 

𝐸𝐼

2ℎ3
(𝑦𝑛−2 − 2𝑦𝑛−1 + 2𝑦𝑛+1 − 𝑦𝑛+2) +

𝑁

2ℎ
(𝑦𝑛−1 − 𝑦𝑛+1) = 𝐻 (9) 

ii. Moment 𝑀 applied at the pile head 

𝐸𝐼

ℎ2
(𝑦𝑛−1 − 2𝑦𝑛 + 𝑦𝑛+1) = 𝑀 (10) 

iii. Base shear force 𝑆𝐵 

𝐸𝐼

2ℎ3
(𝑦−2 − 2𝑦−1 + 2𝑦1 − 𝑦2) +

𝑁

2ℎ
(𝑦−1 − 𝑦1) = 𝑆𝐵 (11) 
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iv. Base moment 𝑀𝐵 

𝐸𝐼

ℎ2
(𝑦−1 − 2𝑦0 + 𝑦1) = 𝑀𝐵 (12) 

For long-slender piles, the base shear force and base moment (𝑆𝐵 and 𝑀𝐵) are usually 

neglected. However, for rigid piles 𝑆𝐵 and 𝑀𝐵 could have a significant effect on the pile 

response. The above set of equations is solved by matrix methods to find the horizontal 

displacements along the pile. Iterative calculations are required when the subgrade reaction 

modulus 𝐸𝑝𝑦 is obtained applying the 𝑝-𝑦 method, on account of the dependence of the value 

𝐸𝑝𝑦 on the mobilized displacement 𝑦 at a given depth. 

2.2. Design guidelines 

2.2.1. List of design guidelines 

A list of some design guidelines used for the analysis and design of offshore monopile 

foundations is presented as follows:   

i. DNVGL-ST-0126: Support structures for wind turbines (DNV-GL-AS, 2016). 

ii. API RP 2A-WSD: Planning, Designing, and Constructing Fixed Offshore 

Platforms - Working Stress Design (API, 2014a). 

iii. API RP 2GEO: Geotechnical and Foundation Design Considerations (API, 

2014b).  

iv. ISO 19902:2007/AMD 1:2013: Petroleum and natural gas industries - Fixed steel 

offshore structures (ISO, 2013). 

v. ISO 19901-4:2016: Petroleum and natural gas industries - Specific requirements 

for offshore structures - Part 4: Geotechnical and foundation design 

considerations (ISO, 2016). 

The standards by the American Petroleum Institute (API, 2014a) and Det Norske Veritas - 

Germanischer Lloyd Group (DNV-GL-AS, 2016) are the most popular guidelines for the 

design of monopiles. Both standards adopt the same 𝑝-𝑦 method (hereafter referred to as the 

API/DNV-GL-AS method) which was originally developed for long-slender piles, as 

described in the previous sections. Considering this issue, the DNV-GL-AS standards also 

suggest to validate the monopile design with more advanced numerical analyses, such as FE 

modelling. 
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2.2.2. API/DNV-GL-AS 𝒑-𝒚 method for sands 

The 𝑝-𝑦 formulation presented by API (API, 2014a) and adopted by DNV-GL-AS (DNV-

GL-AS, 2016) refers to a hyperbolic tangent curve. The lateral soil reaction per unit length 𝑝 

[kN/m] is given by:  

𝑝 = 𝐴 𝑝𝑢 tanh (
𝑘𝑧

𝐴 𝑝𝑢
𝑦) (13) 

where 𝐴 is a factor that accounts for the loading conditions, 𝑝𝑢 is the ultimate soil resistance, 

𝑘 is the initial modulus of subgrade reaction, depicted on Fig. 11, and 𝑧 is the depth. Factor 

𝐴 is computed as: 

𝐴 = {
0.9 cyclic loading

3.0 − 0.8
𝑧

𝐷
≥ 0.9 static loading

 (14) 

where 𝐷 is the external pile diameter. The ultimate soil resistance per unit length 𝑝𝑢 [kN/m] 

is defined as: 

𝑝𝑢 = min {
(𝐶1𝑧 + 𝐶2 𝐷) 𝛾′ 𝑧

𝐶3𝐷𝛾′𝑧
 (15) 

where 𝐶1, 𝐶2 and 𝐶3 are factors depending on the friction angle of the soil and 𝛾′ is the 

effective unit weight of the soil. Factors 𝐶1, 𝐶2 and 𝐶3 are shown in Fig. 11.  

 

 

 
Fig. 11 Constants 𝑘, 𝐶1, 𝐶2 and 𝐶3 used on the API/DNV-GL-AS 𝑝-𝑦 method for sands. 

Taken from (API, 2014a). 
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The initial reaction modulus 𝐸𝑝𝑦0 according to this method is obtained from Equation (13) 

as:  

𝐸𝑝𝑦0−𝐴𝑃𝐼 =
𝑑𝑝

𝑑𝑦
|
𝑦=0

 = 𝑘𝑧 (16) 

Note that according to this method the initial reaction modulus increases linearly with depth 

and is independent of the pile geometry.  

2.3. State-of-the-art research 

Different geotechnical issues regarding the applicability of the conventional 𝑝-𝑦 analysis and 

current design guidelines for large diameter monopiles have been studied by many 

researchers through field testing, 1-g model testing, centrifuge model testing and numerical 

analyses (Westermann et al., 2014b; Choo & Kim, 2016; W. Li et al., 2017; Byrne et al., 

2017; Martin Achmus et al., 2019). Topics such as load-deflection response of monopiles, 

modelling of the monopile-soil interface, fatigue analysis and accumulated response due to 

cyclic loading have been widely discussed. However, there is no consensus on appropriate 

design methodologies for these structures and further research is required. A discussion on 

some of these topics is given below.  

2.3.1. Monotonic behavior 

Some of the first research works on large diameter monopile foundations in sands evaluated 

the load-deflection response of monopiles through 3D FE simulations and compared their 

results with conventional methods (M. Achmus et al., 2007; Hearn & Edgers, 2010; 

Sørensen, 2012; Sørensen et al., 2010; Wiemann et al., 2004). Their simulations results 

showed that large diameter monopiles behaved as rigid or semi-rigid piles and that 

conventional methods, such as the API/DNV-GL-AS method, failed to reproduce the 

observed behavior. Wiemann et al. (Wiemann et al., 2004) concluded that the API/DNV-GL-

AS method overestimates the initial subgrade reaction modulus 𝐸𝑝𝑦0 at large depths for large 

diameter monopiles, which also implied overestimated values of the oedometric stiffness 

modulus of the soil. Therefore, a modification of the method was proposed in which 𝐸𝑝𝑦0 

has a non-linear distribution with depth and depends on the pile diameter 𝐷. Hearn and 

Edgers (Hearn & Edgers, 2010) suggested that the API/DNV-GL-AS method overestimates 

𝐸𝑝𝑦0 and 𝑝𝑢 for large diameter monopiles, specially at large depths and for increasing soil 

densities. Sørensen et al. (Sørensen et al., 2010) also presented a modification of 𝐸𝑝𝑦0 which 

depends on the pile diameter 𝐷 and the friction angle of the soil 𝜑, and has a non-linear 

distribution with depth. Similar modifications of 𝐸𝑝𝑦0 were also proposed by Kallehave et 

al. (D. Kallehave et al., 2012). Furthermore, more specific aspects of the behavior of 

monopiles under lateral monotonic loading have been investigated through 3D FE 



 

 

 

22 

 

simulations (Ahmed & Hawlader, 2016; S. Li et al., 2019; Lu & Zhang, 2020). For instance, 

Li et al. (S. Li et al., 2019) evaluated the effect of the drainage conditions on the response of 

a monopile under monotonic loading. The effect was significant when large loads were 

considered but negligible at the load levels considered on the design of monopiles. Ahmed 

and Hawlader (Ahmed & Hawlader, 2016) performed a parametric numerical study to 

evaluate the load-carrying capacity of monopiles in dense sands. Load-moment capacity 

interaction diagrams were reported for the design of monopiles. Also, Lu and Zhang (Lu & 

Zhang, 2020) studied the effect of different combinations of lateral and vertical loads on the 

response of monopiles. They evaluated the change in soil stiffness due to different loading 

conditions and proposed a new 𝑝-𝑦 formulation.  

Centrifuge tests on large diameter monopiles under monotonic loading such as (Choo & Kim, 

2016; Dyson & Randolph, 2001) have been reported in the literature. Dyson and Randolph 

(Dyson & Randolph, 2001) applied an acceleration of 160𝑔 to a 13-mm-diameter model pile 

to represent an equivalent prototype pile with a diameter 𝐷 of 2.08 m. The study considered 

the pile embedded in calcareous sand, evaluated different installation methods and loading 

rates, and proposed a 𝑝-𝑦 model based on the cone resistance 𝑞𝑐. Choo and Kim (Choo & 

Kim, 2016) conducted a series of centrifuge tests with 79.4-mm-diameter model piles of 

different materials at accelerations of 60𝑔 and 75𝑔. The tests were performed to represent 

equivalent prototype steel piles with a diameter 𝐷 of 6.00 m. The study obtained 

experimental 𝑝-𝑦 curves and compared the results against the API/DNV-GL-AS method. 

According to their results, the API/DNV-GL-AS method overestimates the initial subgrade 

modulus 𝐸𝑝𝑦0, which also presents a non-linear distribution with depth. The effect of a rock 

bearing layer near the tip of the pile was also evaluated and a strong influence on the 𝐸𝑝𝑦0 

values on the adjacent layers was observed.  

More recently, field testing research works on large diameter monopiles under monotonic 

loading have been conducted such as (Byrne et al., 2017; W. Li et al., 2017, p. 201). Li et al. 

(W. Li et al., 2017) conducted a series of monotonic field tests on reduced scale monopiles 

with 𝐷 = 0.34 m and 𝐿/𝐷 = 6.5. The test piles were installed on a dense sand at the 

University College Dublin (UCD) geotechnical research site at Blessington, Ireland. In this 

study, measurements of the 𝑝-𝑦 curves along the pile and shear forces at the pile base were 

made. The measurements were compared to the API/DNV-GL-AS method and it was 

concluded that the latter overestimates the initial stiffness at large depths and underestimates 

the ultimate resistance at shallow depths. Additionally, the obtained shear values at the pile 

base were used to simulate the observed pile response using the 𝑝-𝑦 approach, proving its 

importance on a rigid pile response. Finally, to overcome the mentioned limitations, this 

study proposed some modifications of the API method, namely, the consideration of the base 

shear force, a power distribution of the initial subgrade modulus and some modifications on 

the 𝑝𝑢 formulation. On a bigger scale, the joint industry PISA project (Burd et al., 2019; 

Byrne et al., 2017; McAdam et al., 2019; Murphy et al., 2018) conducted a series of medium-
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scale field tests on monopiles in a dense marine sand at Dunkirk, France. Three different pile 

diameters were considered, namely 𝐷 = {0.273, 0.762, 2.0} m with length-to-diameters 

ratios ranging from 𝐿/𝐷 = 3 to 10. The test results were used to validate a 3D FE modelling 

technique, which was later used to develop a 1D analysis approach for monopiles. This 

approach considers the pile as a Timoshenko beam on a 1D FE framework. Additional soil 

reactions curves, apart from the lateral soil reaction 𝑝, were also considered i.e. distributed 

moment along the pile shaft and concentrated shear force and moment at the pile base. 

Resulting from this work, two different design techniques were proposed, namely the ‘rule-

based method’ and the ‘numerical based method’.  he first uses parameterized reaction 

curves which were calibrated for an specific marine sand (Burd et al., 2019). The second 

requires a 3D FE calibration study to obtain the site specific reaction curves (Murphy et al., 

2018). This project highlighted the need to account for additional soil reaction curves to 

model the behavior of monopiles. Validation of this method and its comparison with 3D FE 

simulations with sophisticated material models is under current study (Zachert & 

Wichtmann, 2020). 

 
Fig. 12 Pile testing arrangements used in the PISA project. Taken from (Byrne et al., 2017). 

2.3.2. Cyclic behavior 

There is still limited understanding on many aspects regarding the response of monopiles 

under cyclic loading. One of the main topics that are still open for investigation is the 

assessment of the accumulated response of monopiles. The API/DNV-GL-AS method fails 

to properly predict the accumulated pile behavior since it does not account for important 

factors affecting the soil response under cyclic loading, such as the number of loading cycles, 

the material properties, the loading characteristics, among others. Different approaches are 

found in the literature to assess this issue. For instance, some authors have provided 

formulations which are commonly cataloged into soil resistance degradation (SRD) methods 

and pile deformation accumulation (PDA) methods. The SRD methods reduce the soil secant 

stiffness (on the 𝑝-𝑦 method) to account for the accumulated response (Dührkop, 2009; 

Lymon C. Reese et al., 1974), while the PDA methods calculate the accumulated response 

due to 𝑁 cycles as a function of the groundline displacements of the monopile corresponding 
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to the first loading cycle. Two types of mathematic models are commonly considered within 

the PDA methods, namely the power function model (M. Hansen et al., 2013; Klinkvort & 

Hededal, 2013; Little & Briaud, 1988; Long & Vanneste, 1994; Peralta, 2010; Yang et al., 

2018) and the logarithmic function model (Bienen et al., 2012; M. Hansen et al., 2013; Z. Li 

et al., 2010; Lin & Liao, 1999; Peralta, 2010; Verdure et al., 2003). These models have been 

proposed on the basis of limited experimental data and require further validation for their 

application with different monopile geometries and loading conditions (W. Li et al., 2015; 

Yang et al., 2018). As an alternative, new methodologies incorporating numerical 

simulations have been presented in the literature (M. Achmus et al., 2009; Sheil & McCabe, 

2017). For example, (M. Achmus et al., 2009) proposed the Degradation Stiffness model 

(DSM) which evaluates the accumulated response of the soil based on a combination of a 3D 

FE simulation and the results from a series of drained cyclic triaxial tests. This model has 

been validated by other authors such as (Depina et al., 2015; Yang et al., 2018, 2018). 

Moreover, (Niemunis et al., 2005) proposed the High Cycle Accumulation (HCA) 

constitutive model for the soil which can be incorporated into 3D FE simulations of 

monopiles. The model explicitly considers the effects of the number of loading cycles, soil’s 

density, mean stress, strain amplitude, stress ratio and load polarization. This model has been 

successfully incorporated in several FE simulations of large diameter monopiles (Staubach 

& Wichtmann, 2020; Westermann et al., 2014b; Wichtmann et al., 2008; Zachert & 

Wichtmann, 2020).  
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3.  

Chapter 3: Constitutive modelling of soil 

behavior  

 
3.1. Hypoplasticity 

Constitutive models are mathematical formulations that describe the stress-strain relationship 

of a particular material. In geomechanics, complex mechanisms, such as anelastic 

deformations, dependence on loading history, yield surfaces, dilatancy-contractancy and 

stress dependent stiffness, have to be considered to properly simulate the behavior of the soil. 

For this purpose, different types of constitutive models have been developed in the past 

decades, which may be catalogued into stress-based models and strain-based models. Stress-

based models are developed from the well-known theory of elastoplasticity, in which strains 

are divided into elastic and plastic parts and a yield surface is defined in the stress space from 

which plastic strains are generated. Models families such as critical state models with single 

yield surface (Roscoe & Burland, 1968), bounding surface models (Dafalias, 1986; Dafalias 

& Herrmann, 1986), multisurface plasticity models ( rǒz, 19 7;  rǒz et al., 1978), 

generalized plasticity models (Pastor et al., 1990), hyperplastic models (Collins & Houlsby, 

1997; Houlsby & Puzrin, 2000) and subloading plasticity models (Hashiguchi, 1989; 

Hashiguchi & Chen, 1998) fall into this category. On the other hand, strain-based models are 

rather novel proposals, in which the concept of a yield condition in the stress field is dropped, 

and instead, the plastic mechanism is proposed based on strain space formulation. This 

category includes, brick type models (Ellison et al., 2012), hypoplastic models extended by 

intergranular strain (Niemunis & Herle, 1997; von Wolffersdorff, 1996), among others.  

In this work, the hypoplastic model for sands proposed by von Wolffersdorff  (von 

Wolffersdorff, 1996) and extended with the intergranular strain concept by Niemunis and 

Herle (Niemunis & Herle, 1997) has been adopted. The theory of hypoplasticity is one of the 

alternatives to elastoplasticity to describe the anelastic behavior of the soil. Hypoplasticity 

considers a single constitutive non-linear tensorial equation for the stress rate (i.e. increment 
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per time unit) which depends on a given strain rate and the current stress and void ratio states, 

and does not require a predefined yield surface or plastic potential surface, as in 

elastoplasticity. This formulation prevents the need to decompose the strain rate into elastic 

and plastic components, which allows to implement the same single equation for both loading 

and unloading. This is achieved by a generalized hypoplastic equation such as: 

�̇� = 𝐅(𝐓, 𝑒, 𝐃) (17) 

where �̇� is the stress rate tensor (in case of large deformations the jaumann stress rate is 

used), 𝐅 is a tensorial function, 𝐓 is the Cauchy’s effective stress tensor, 𝐃 is the stretching 

rate tensor and 𝑒 is the void ratio.  

3.2. Hypoplastic model for sands 

The hypoplastic model by von Wolffersdorff (von Wolffersdorff, 1996) is one of the most 

popular hypoplastic models for granular materials. Under this formulation, the following 

hypoplastic constitutive equation was proposed: 

�̇� = L: 𝐃 + 𝑓𝑑 𝐍 ‖𝐃‖ (18) 

where L is the fourth-order linear stiffness tensor, 𝐍 is the second-order nonlinear stiffness 

tensor and 𝑓𝑑 is a density factor (0 < 𝑓𝑑 < 1). Tensors L and 𝐍 are defined as:  

L =
𝑓𝑏𝑓𝑒

�̂�: �̂�
𝑎2 [(

𝐹

𝑎
)
2

I + �̂� ⊗ �̂�] =
𝑓𝑏𝑓𝑒
𝐓: 𝐓

 L̂ (19) 

𝐍 =
𝑓𝑏𝑓𝑒

�̂�: �̂�
𝑎2 (

𝐹

𝑎
) [�̂� + �̂�∗] =

𝑓𝑏𝑓𝑒
𝐓: 𝐓

 �̂� (20) 

where �̂� and �̂�∗ are the relative stress and its deviatoric part respectively, 𝑓𝑏 and 𝑓𝑒 are the 

barotropy and piknotropy factors, I is a fourth-order identity tensor and factors 𝐹 and 𝑎 are 

scalar factors. 

The density factor 𝑓𝑑 is computed as:  

𝑓𝑑 = (
𝑒 − 𝑒𝑑
𝑒𝑐 − 𝑒𝑑

)
𝛼

  (21) 

where 𝛼 is a material parameter, 𝑒 is the void ratio and 𝑒𝑑 and 𝑒𝑐 are the densest and critical 

void ratios. In this model, the loosest, critical and densest void ratios (𝑒𝑖, 𝑒𝑐 and 𝑒𝑑) are 

defined according to the Bauer’s equation (Bauer, 1992) as:  

𝑒𝑖
𝑒𝑖0

=
𝑒𝑐
𝑒𝑐0

=
𝑒𝑑
𝑒𝑑0

= exp [− (
−tr[𝐓]

ℎ𝑠
)
𝑛𝐵

] (22) 
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where ℎ𝑠 and 𝑛𝐵 are material parameters, and the constants 𝑒𝑖0, 𝑒𝑐0 and 𝑒𝑑0 are the loosest, 

densest and critical void ratios for 𝐓 = 0. 

 The relative stress and its deviatoric part �̂� and �̂�∗ are defined as:  

�̂� =
𝐓

tr[𝐓]
   and   �̂�∗ =

𝐓

tr[𝐓]
−
1

3
𝟏  (23) 

where 𝟏 is a second-order identity tensor.  

The barotropy factor 𝑓𝑏 adjusts the hypoplastic equation to the Bauer’s equation under 

isotropic compression and reads: 

𝑓𝑏 = (
𝑒𝑖0
𝑒𝑐0
)
𝛽 ℎ𝑠
𝑛𝐵

1 + 𝑒𝑖
𝑒𝑖

(
−tr[𝐓]

ℎ𝑠
)
1−𝑛𝐵

[3 + 𝑎2 − 𝑎√3(
𝑒𝑖0 − 𝑒𝑑0
𝑒𝑐0 − 𝑒𝑑0

)
𝛼

]
−1

    (24) 

The piknotropy factor 𝑓𝑒 incorporates the influence of the void ratio in the material stiffness 

and reads:  

𝑓𝑒 = (
𝑒𝑐
𝑒
)
𝛽

 (25) 

The scalar factors 𝐹 and 𝑎 are used to align the yield and critical state conditions with the 

Matsouka-Nakai yield surface, which is controlled by the critical state friction angle 𝜑𝑐.  

Factors 𝐹 and 𝑎 read:  

𝐹 = √
1

8
tan2(𝜓) +

2 − tan2(𝜓)

2 + √2 tan(𝜓) cos(3𝜃)
−

1

2√2
tan(𝜓) 

 

(26) 

𝑎 =
√3(3 − sin(𝜑𝑐))

2√2 sin(𝜑𝑐)
 (27) 

with  

tan(𝜓) = √3 ‖�̂�∗‖     and     cos(3𝜃) = −√6
tr[�̂�∗ ⋅ �̂�∗ ⋅ �̂�∗]

[�̂�∗: �̂�∗]
3/2

 (28) 

In conclusion, the model requires the definition of eight material parameters, namely 

{𝜑𝑐, ℎ𝑠, 𝑛𝐵 , 𝑒𝑑0, 𝑒𝑐0, 𝑒𝑖0, 𝛼, 𝛽}. The calibration process for these parameters is described in 

several works such as (Herle & Gudehus, 1999;  ašín, 2019).  
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3.3. Intergranular Strain concept 

The hypoplastic model by von Wolffersdorff (von Wolffersdorff, 1996) successfully predicts 

the soil behavior in the medium and large strain range. However, for the small strain range 

and upon cyclic loading, the model requires a modification to incorporate the small-strain 

stiffness effects (i.e. high quasi-elastic soil stiffness in the small strain range) and to avoid 

excessive plastic accumulation during cyclic loading (i.e. ratcheting).  For this, Niemunis and 

Herle (Niemunis & Herle, 1997) proposed the Intergranular Strain (IS) concept as an 

extension for hypoplastic constitutive models. This concept incorporates the idea that for 

very small strain amplitudes at the beginning of the loading phase, the soil deformation is not 

caused by the rearrangement of the grain skeleton but by the reversible deformation of an 

‘intergranular strain layer’ and the elastic deformation of the grains. A maximum value of 

the intergranular strain is defined through a parameter of the constitutive model. Once the 

intergranular strain reaches this maximum value, the soil deformation is computed using a 

standard hypoplastic model. This is achieved by introducing an additional state variable, 

namely the intergranular strain tensor 𝐡, which in tensorial notation reads:  

�̇� = {(I − �⃗� ⊗ �⃗� 𝜌𝛽𝑟):𝐃

𝐃

    for �⃗�: 𝐃 > 0

    for �⃗�: 𝐃 ≤ 0
 (29) 

where �⃗� = 𝐡/‖𝐡‖ is the direction of the intergranular strain, 𝜌 = ‖𝒉‖/𝑅 corresponds to its 

normalized length and 𝛽𝑟 and 𝑅 are material parameters. Parameter 𝛽𝑟 controls the 

intergranular strain evolution and the stiffness degradation curve. Parameter 𝑅 controls the 

maximum value of the intergranular strain 𝐡. 

To incorporate the intergranular strain concept, the following general constitutive equation 

was proposed: 

�̇� = M:𝐃 (30) 

where M is a stiffness tensor and reads: 

M = [𝜌𝜒𝑚T + (1 − ρ
𝜒)𝑚R]L + {

𝜌𝜒(1 − 𝑚T)L: (�⃗� ⊗ �⃗�) + 𝜌𝜒𝐍⊗ �⃗�

𝜌𝜒(𝑚R −𝑚T)L: (�⃗� ⊗ �⃗�)

  for �⃗�: 𝐃 > 0

  for �⃗�: 𝐃 ≤ 0
 (31) 

where 𝜒, 𝑚T and 𝑚R are additional parameters. In conclusion, five material parameters, 

namely { 𝛽𝑟 , 𝑅, 𝜒,𝑚T, 𝑚R} are required to incorporate the intergranular strain concept 

proposed by Niemunis and Herle. More details on this concept and the calibration process 

for these parameters are given in different works such as ( ašín, 2019). 

 

  



 

 

 

29 

 

4.  

Chapter 4: Parametric study of monopiles 

under static lateral loading conditions  

 
4.1. Generalities 

A numerical parametric study was conducted to analyze the performance of offshore 

monopiles in cohesionless soils under static lateral loading conditions. The study considered 

variations of pile geometry, soil properties and loading cases. For this, several 3D FE models 

were constructed, employing the commercial software Abaqus Standard for this purpose. The 

study is oriented for the analysis of pipe piles made of steel with diameters between 𝐷 =

{5 − 7} m and embedment lengths between 𝐿 = {20 − 30} m. Different relative densities of 

the soils in the range of 𝐷𝑟 = {40% − 80%} were also investigated. In this study, the 

parameters of the Karlsruhe fine sand were used on most of the performed simulations. 

However, additional sands were also studied on some particular simulations. 

4.2. Description of the FE models 

4.2.1. Geometry and mesh 

A sketch of the geometry and the adopted mesh of the Boundary Value Problems (BVPs) is 

presented in Fig. 13, where only half of an entire model is shown. This study focuses on the 

modelling of monopile foundations and their supporting soil domain. Therefore, three main 

parts were assembled in each BVP, namely, the pile, the soil inside the pile and the soil 

outside the pile (see Fig. 14). The monopile was considered as a 3D solid with a pipe section, 

given the complex volumetric interactions between pile and soil. The soil regions inside and 

outside the pile were considered as three-dimensional parts of the FE-model. All parts were 

constructed using 8-node and 6-node 3D linear continuum elements with full integration, 

which are available from the Abaqus Standard library. The other parts of the OWT, such as 



 

 

 

30 

 

the rotor-nacelle assembly, tower and substructure (transition piece), were simplified as a 

pressure applied to the top of the monopile (see Fig. 19). 

 

 

Fig. 13 Geometry and mesh of the FE Models. 

 

 

Fig. 14 Parts of the FE Models. 

The dimensions of the pile were defined based on systematic variations of the diameter 𝐷 =

 {5;  6;  7} m and embedment length 𝐿 = {20;  25;  30} m. Considering this, the slenderness 

ratio 𝐿/𝐷 of the different monopiles ranged between 𝐿/𝐷 = {2.86 −  6.00}.  The geometric 

configurations of each model is outlined in detail in Section 4.2.7. The monopile protrudes 1 

m above the soil domain. The pile wall thickness was assumed as 𝑡𝑝  =  {0.06;  0.07; 0.08} 
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m for the monopiles with diameter 𝐷 = {5;  6;  7} m respectively, which is in agreement with 

the minimum wall thickness established by (API, 2014a) as: 

𝑡𝑝 [mm] = 6.35 +
𝐷 [mm]

100
 (32) 

The length of the soil inside the pile was defined as equal to the embedment length of the 

monopile, as a fully-plugged pile. The soil domain outside the monopile was modelled within 

a radius of 6𝐷 around the pile axis, and up to a distance below the pile base of 6𝐷 (see Fig. 

13). This domain size was chosen in order to avoid boundary effects. A gradual mesh 

refinement scheme was adopted in the regions near the monopile (specially near the pile’s 

base and head) in order to provide a mesh independent solution. The elements immediately 

next to the pile had an approximate size of 0.5 m. 

4.2.2. Materials 

The monopiles were made of steel, which was assumed to be linear elastic. The steel material 

was characterized by a Young modulus of 𝐸 =  210 GPa, a Poisson's ratio of 𝜈 =  0.3 and 

a unit weight of 𝛾𝑝  = 78.5 kN/m3. The latter material properties are summarized in Table 1. 

The effect of the pile surface roughness was considered in the definition of the frictional 

behavior described in Section 4.2.3. The mechanical behavior of the soils was simulated with 

the hypoplastic constitutive model for sands by von Wolffersdorff (von Wolffersdorff, 1996) 

extended by the Intergranular Strain (IS) approach by Niemunis and Herle (Niemunis & 

Herle, 1997), which was described in the previous section and is hereafter referred to as the 

IS-hypoplastic model. The mechanical constitutive behavior of the soil was defined through 

a user-defined subroutine UMAT, which is written in FORTRAN.  

The analysis covered six different sands, varying from fine to coarse grained cohesionless 

soils. The Karlsruhe fine sand (KFS) was selected for most of the conducted simulations, 

considering that this sand has been extensively calibrated for simulations on FE-applications 

(Fuentes et al., 2017; Poblete et al., 2016; Westermann et al., 2014a, 2014b; Wichtmann, 

2016). The five additional sands correspond to Hochstetten sand (HS), Toyoura sand (TS), 

Berlin sand (BS), Komorany sand (KS) and Sand ’3’. Table 2 presents a summary of the 

index properties of the mentioned sands, including main size 𝐷50, maximum void ratio 𝑒max, 

minimum void ratio 𝑒min, coefficient of uniformity 𝑐𝑢 = 𝐷60/𝐷10 and specific gravity 𝐺𝑠. 

The saturated unit weight of the soil was assumed for all sands as 𝛾𝑠𝑎𝑡 =

 {18.67;  19.03;  19.42} kN/m3 for the relative densities 𝐷𝑟 = {40%;  60%;  80%} 

respectively. The initial relative density of the soil was incorporated into the FE models by 

initializing the distribution of the void ratio 𝑒 according to the corresponding relative density 

𝐷𝑟 (See Equation (33)). For the simulation with the IS-hypoplastic model, material 

parameters reported in (Herle & Gudehus, 1999;  e, 2015;  ašín, 2019; Westermann et al., 
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2014a; Wichtmann, 2005) were directly adopted for the mentioned sands. Their values are 

given in Table 3. 

Table 1 Material properties of the monopiles 

𝐸𝑝 [GPa] 𝜈 [−] 𝛾𝑝 [kN/m3] 

210 0.3 78.5 

 

Table 2 Index properties of different sands considered in the present study. Values adopted 

from (Herle & Gudehus, 1999;  e, 2015;  ašín, 2019; Westermann et al., 2014a; 

Wichtmann, 2005) 

Material 𝑒max[−] 𝑒min [−] 𝐷50 [mm] 𝑐𝑢 [−] 𝐺𝑠 [−] 
Fine sand 1.054 0.677 0.14 1.50 2.66 
Hochstetten sand 0.95 0.55 0.20 1.60 2.65 
Toyoura sand 0.98 0.61 0.16 1.46 2.64 
Berlin sand 0.688 0.391 0.55 3.30 2.61 
Komorany sand 0.870 0.350 − − − 
Sand ’3’ 0.874 0.577 0.55 1.80 − 

 

Table 3 Parameters of the IS-hypoplastic model. Values adopted from (Herle & Gudehus, 

1999;  e, 2015;  ašín, 2019; Westermann et al., 2014a; Wichtmann, 2005) 

Parameter Karlsruhe 

fine sand 

Hochstetten 

sand 

Toyoura 

sand 

Berlin sand Komorany 

sand 

Sand ‘3’ 

𝜑𝑐   33.1 33.0 30.0 31.5 35.0 31.2 
ℎ𝑠 862600 1500000 2600000 2300000 50000 591000 
𝑛𝐵 0.32 0.28 0.27 0.30 0.20 0.50 
𝑒𝑑0 0.677 0.55 0.61 0.391 0.350 0.577 
𝑒𝑐0 1.054 0.95 0.98 0.688 0.870 0.874 
𝑒𝑖0 1.212 1.05 1.10 0.791 1.040 1.005 
𝛼 0.21 0.25 0.18 0.13 0.26 0.12 
𝛽 1.5 1.5 1.1 1.0 4.0 1.0 
𝑚𝑇 2.0 2.0 4.0 2.2 1.7 1.45 
𝑚𝑅 4.0 5.0 8.0 4.4 3.4 2.9 
𝑅 1.0 × 10−4 1.0 × 10−4 2.0 × 10−5 1.0 × 10−4 2.0 × 10−4 1.0 × 10−4 
𝛽𝑅 0.1 0.5 0.1 0.2 0.12 0.2 
𝜒   6.0 6.0 1.0 6.0 0.7 6.0 

4.2.3. Soil-structure contact 

Frictional behavior was set between the soil and the outer and inner sides of the pile. For this, 

the small-sliding, surface-to-surface master/slave contact pair formulation was set for the 

contact pairs. The surface-to-surface contact discretization allows for accurate stress and 

pressure results. The small-sliding tracking approach allows surfaces in contact to undergo 

sliding of one surface along the other, while providing computational savings and added 
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robustness compared to the more general finite-sliding tracking approach  (ABAQUS, Inc., 

2006). For this, relatively minor sliding of one surface along the other is assumed, which also 

allows the assumption that the interaction between a slave node and its corresponding initial 

local area of the master surface will be maintained throughout the analysis.   

The tangential motion was controlled with the penalty friction method, which accounts for a 

basic Coulomb friction model and allows for a small amount of elastic slip. The friction 

model defines a critical shear stress 𝜏𝑐𝑟𝑖𝑡 at which the sliding of one surface along the other 

starts. The critical shear stress is equal to 𝜏𝑐𝑟𝑖𝑡 = 𝜇 𝑝𝑐𝑜𝑛𝑡, where 𝜇 is the coefficient of friction 

computed in this work as 𝜇 = tan 𝛿, 𝑝𝑐𝑜𝑛𝑡 is the contact pressure between surfaces and 𝛿 is 

the interface friction angle. The angle 𝛿 may vary between 0 and 𝜑 (peak friction angle of 

the soil) depending on different aspects such as the pile surface roughness, mean grain size 

and installation methods. In this study, it was set as 𝛿 = 2/3 𝜑, and 𝜑 was assumed as 𝜑 =

 {35;  37;  40}∘ for the relative densities 𝐷𝑟 = {40%;  60%;  80%} respectively. Still, a FE 

sensitivity analysis was conducted for an specific pile geometry considering different values 

of 𝛿 = {1/3 𝜑; 1/2 𝜑; 2/3 𝜑} and it was found that its variation under the evaluated range 

has a negligible effect on the pile displacements predicted by the FE-simulations.  

On the other hand, the normal behavior was customized through a hard contact pressure-

overclosure relationship. The linear penalty method was used as the constraint enforcement 

method for this relationship. The hard contact relationship allows the transfer of any contact 

pressure between the surfaces in contact and disables the transfer of tensile stresses. 

Therefore, once the contact pressure reaches zero, the surfaces are allowed to separate.  

4.2.4. Initial and boundary conditions 

Displacement constraints were applied to the lateral and bottom boundary surfaces of the soil 

domain (see Fig. 15). In this way, the vertical displacements of the soil domain were fixed 

on the bottom boundary as well as the horizontal displacements on the lateral boundaries. 

The top boundary of the model is free to displace. 
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Fig. 15 Displacement constraints applied on the FE models. 

The initial stress state of the soil was set as a user-subroutine-defined initial stress field 

through a SIGINI user-subroutine. The void ratio, pore water pressure and intergranular 

strain are defined as state variables. Their initial states were set as initial solution-dependent 

state variable fields through a SDVINI user-subroutine. Initial conditions for the stresses 

result from a geostatic 𝐾0 condition, following the equation 𝜎11 = 𝜎22 = 𝐾0𝜎33. The lateral 

earth pressure coefficient was set to 𝐾0 = 1 − sin𝜑𝑐 according to the Jaky's equation, where 

𝜑𝑐 is the critical state friction angle of the soil. The initial distribution for the vertical stresses 

was computed according to the corresponding saturated unit weight of the soil 𝛾𝑠𝑎𝑡 for a 

given relative density 𝐷𝑟 and assuming a gravity acceleration equal to 𝑔 = 10 m/s2. The 

initial distribution of the pore water pressure was computed considering an intrinsic unit 

weight of the water of 𝛾𝑤 = 10 kN/m3 and a 20 m water column above the ground surface. 

An example of the initial stress field and pore water pressure distribution for a model with 

𝐷 = 6 m, 𝐿 = 25 m and 𝐷𝑟 =  0% is given in the following figures. Fig. 16 presents the 

initial distribution of the total vertical stress and Fig. 17 presents the initial pore water 

pressure distribution. 
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Fig. 16 Initial distribution of the total vertical stresses for a FE model with 𝐷 = 6 m, 𝐿 =
25 m and 𝐷𝑟 = 60%. Karlsruhe fine sand parameters from (Westermann et al., 2014a), see 

Table 3. 

 
Fig. 17 Initial distribution of the pore water pressure for a FE model with 𝐷 = 6 m, 𝐿 = 25 

m and 𝐷𝑟 = 60%. Karlsruhe fine sand parameters from (Westermann et al., 2014a), see 

Table 3. 
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The void ratio 𝑒 was initialized according to the corresponding relative density 𝐷𝑟, as: 

𝑒 = 𝑒𝑐 − 𝐷𝑟(𝑒𝑐 − 𝑒𝑑) (33) 

where 𝑒𝑐 and 𝑒𝑑 are the pressure dependent critical and minimum void ratio, according to the 

Bauers equation (Bauer, 1992), which states that: 

𝑒𝑐
𝑒𝑐0

=
𝑒𝑑
𝑒𝑑0

= exp(−(
3�̅�

ℎ𝑠
)
𝑛𝐵

)  (34) 

where 𝑒𝑐0 and 𝑒𝑑0 are the critical and minimum void ratios for a mean (effective) stress  𝜎 =

0 kPa respectively, and ℎ𝑠 and 𝑛𝐵 are material parameters (Bauer, 1992; Niemunis, 2003). 

The void ratio 𝑒𝑐0 can be obtained as the maximum void ratio 𝑒𝑐0 = 𝑒max according to the 

standard ASTM D4254-14 , while 𝑒𝑑0 coincides with the minimum void ratio 𝑒𝑑0 = 𝑒min 

according to the standard ASTM D4253-16. Fig. 18 presents the initial distribution of the 

void ratio 𝑒0 computed for a FE model with 𝐷 = 6 m, 𝐿 = 25 m, 𝐷𝑟 = 60% and the 

parameters from the Karlsruhe fine sand parameters from Table 3. Finally, the intergranular 

strain was initialized as fully mobilized pointing in the vertical direction, as:  

ℎ33 = −1.00 × 𝑅 (35) 

  
Fig. 18 Initial distribution of the void ratio for a FE model with 𝐷 = 6 m, 𝐿 = 25 m and 

𝐷𝑟 = 60%. Karlsruhe fine sand parameters from (Westermann et al., 2014a), see Table 3. 
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4.2.5. Loading conditions 

The monopile is subjected to the action of a vertical load 𝑄 and a horizontal load 𝐻. The 

vertical load includes the weights of the tower, substructure, nacelle and turbine rotor. The 

horizontal load represents the action of the environmental loading and is virtually located at 

a vertical distance ℎ from the ground level, as shown in Fig. 19.a, generating a moment at 

ground level equal to 𝑀 = 𝐻 ⋅ ℎ.  

For the estimation of the vertical forces, reference values for a 5-MW wind turbine were 

chosen. To do so, the weights of the nacelle and turbine rotor reported by (Jonkman et al., 

2009) for a wind turbine of this type were considered. Along with the self weight of a 80-

meter tower and a 30-meter substructure, the sum of these components was estimated to 𝑄 =

 8680 kN. Note that according to (Arshad & O’Kelly, 201 ), a typical gravitational loading 

acting on a monopile is expected to be in the range of 2000 − 8000 kN. The vertical loads 

are applied on the FE models as a distributed surcharge load 𝑞 acting on the top of the 

monopile (see Fig. 19.b, where only half of the model is shown). The horizontal load 𝐻 was 

applied as two components 𝐻/2 acting on the monopile at ground level. The moment 

generated by the arm ℎ was simulated as an equivalent pair of vertical forces 𝑉 at the top of 

the monopile, as shown in Fig. 19.b, such that 𝑉 = 𝑀/𝐷 and 𝑀 = 𝐻 ⋅ ℎ hold. Finally, the 

20-meter water column above the ground surface was considered as an external pressure 

acting on the top of the soil, equal to 𝑞𝑤 = 20 m ⋅ 𝛾𝑤. 

 

Fig. 19 Applied loads on monopile considered on the FE models. 

4.2.6. Steps of analysis  

The simulations were conducted in three analysis steps. For all simulation steps, static 

analysis was assumed and drained conditions without consolidation effects were considered 

for the soil. The steps of analysis were defined as follows: 
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i. First analysis step: A geostatic step is solved to establish an equilibrium state of 

stresses. Previous to this step, the geostatic stresses and state variables are 

initialized  as described above. In this step, gravity load is applied to the entire 

model and equilibrium between the applied load, the initial stress field and the 

boundary conditions is checked. The total time of this step is 𝑡 = 1 s.  

 

ii. Second analysis step: In this step, the distributed load 𝑞 is gradually applied to 

the monopile, as shown in Fig. 19.b. The step is solved as a static load step. The 

total time step is 𝑡 = 1 s.  

 

iii. Third analysis step: In this step, the horizontal concentrated forces 𝐻/2 and the 

equivalent pair of vertical forces 𝑉 are gradually applied to the monopile, see Fig. 

19.b. This step is also solved as a static load step. The total time step is 𝑡 = 1.5 s.  

The FE simulations were conducted assuming a simplified “wished-in-place” initial 

condition for the piles. This means that the evaluation of the installation processes and their 

corresponding effects on different variables, such as soil’s density and distribution of stresses 

around the monopile, are not considered in the present study. Further analyses on the 

implications of this assumption on the results of this work is given in Section 4.3. 

4.2.7. Lists of FE models and simulations  

In total, a number of 42 different 3D FE models, combining the above mentioned variations 

of geometric configurations and soil conditions, were built. Different loading schemes were 

considered on the constructed FE models, resulting in 96 simulations. The simulations were 

run in a workstation with the following specifications: Memory = 32 Gb RAM, storage= 1 

TB SSD. Table 4 provides a summary of the constructed FE models. 
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Table 4 Summary of the constructed FE-models 

Sand 𝐿 [mm] 𝐷 [mm] 𝐿/𝐷 𝐷𝑟[%] Model 

KFS 20 5 4.00 40 𝑀1 

    60 𝑀2 

    80 𝑀3 

  6 3.33 40 𝑀4 

    60 𝑀5 

    80 𝑀6 

  7 2.86 40 𝑀7 

    60 𝑀8 

    80 𝑀9 

 25 5 5.00 40 𝑀10 

    60 𝑀11 

    80 𝑀12 

  6 4.17 40 𝑀13 

    60 𝑀14 

    80 𝑀15 

  7 3.57 40 𝑀16 

    60 𝑀17 

    80 𝑀18 

 30 5 6.00 40 𝑀19 

    60 𝑀20 

    80 𝑀21 

  6 5.00 40 𝑀22 

    60 𝑀23 

    80 𝑀24 

  7 4.29 40 𝑀25 

    60 𝑀26 

    80 𝑀27 

HS 25 5 5.00 40 𝑀28 

    60 𝑀29 

    80 𝑀30 

  6 4.17 40 𝑀31 

    60 𝑀32 

    80 𝑀33 

TS 25 5 5.00 40 𝑀34 

    60 𝑀35 

    80 𝑀36 

  6 4.17 40 𝑀37 

    60 𝑀38 

    80 𝑀39 

BS 25 6 4.17 60 𝑀40 

KS 25 6 4.17 60 𝑀41 
S3 25 6 4.17 60 𝑀42 

Note: KFS = Karlsruhe fine sand, HS = Hochstetten sand, TS = Toyoura sand,  

BS = Berlin sand, KS = Komorany sand, S3 = Sand ‘3’. 
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The performed simulations were organized in three different sets. The first set of FE 

simulations was performed to analyze the effects of different pile geometries and loading 

cases on the behavior of the monopile embedded in a specific sand. Systematic variations of 

the monopile diameter 𝐷 =  {5;  6;  7} m and embedment length 𝐿 =  {20;  25;  30} m were 

studied. Two loading cases were evaluated by assessing two values of the load eccentricity 

ℎ = {20;  40} m. The first loading case (LC1) corresponds to ℎ = 20 m, while the second 

loading case (LC2) corresponds to ℎ = 40 m. Low magnitude environmental conditions were 

applied to the monopile, corresponding to the serviceability limit state (experienced 

frequently during the wind turbine’s lifetime). To this end, force magnitudes 𝐻 ≤ 2 MN were 

considered (LeBlanc, Houlsby, et al., 2010). In all cases, the horizontal force 𝐻 was applied 

till reaching a moment 𝑀 = 𝐻 ⋅ ℎ equal to 𝑀 = 40 MN⋅m. The latter corresponds to values 

of 𝐻 = {2; 1} MN for the loading cases LC1 and LC2 respectively. Regarding the soil 

material, the parameters of the Karslruhe fine sand were used for the IS-Hypoplastic model 

in the FE simulations. Three values of the relative density were evaluated as 𝐷𝑟 =

{40%;  60%;  80%}. The above mentioned variations resulted in 54 simulations, which are 

summarized in Table 5. 

In the second set of FE simulations, the response of monopiles under more severe loading 

conditions was studied, corresponding to the ultimate limit state (experienced once during 

the wind turbine’s lifetime) (LeBlanc, Houlsby, et al., 2010). For this, horizontal forces up 

to 𝐻 = 6 MN were applied to monopiles with different geometries embedded in a specific 

sand. In this case, only a distance ℎ above the groundline equal to ℎ = 20 m was evaluated. 

This loading case is hereafter referred to as the loading case LC3. As by the first set of FE 

simulations, the parameters of the Karlsruhe fine sand for the IS-Hypoplastic model and 

variations of 𝐷 =  {5;  6;  7} m, 𝐿 =  {20;  25;  30} m and 𝐷𝑟 = {40%;  60%;  80%} were 

considered. The above mentioned variations resulted in 27 simulations, which are 

summarized in Table 6. 

The third set of FE simulations was conducted to evaluate the monopile response embedded 

in different sands. For this analysis, the parameters of six different sands, including the 

Karlsruhe fine sand, were adopted for the FE simulations according to Table 3. In this case, 

the loading case LC3 was applied to the monopiles. Variations of 𝐷 =  {5;  6} m and 𝐷𝑟 =

{40%;  60%;  80%} and a value of 𝐿 =  25 m were considered on the simulations, as shown 

in Table 7. 
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Table 5 Summary of the first set of FE-simulations 

Sand 𝐿 [mm] 𝐷 [mm] 𝐿/𝐷 𝐷𝑟[%] Model Loading case Simulation 

KFS 20 5 4.00 40 𝑀1 𝐿𝐶1 𝑆1 

      𝐿𝐶2 𝑆2 

    60 𝑀2 𝐿𝐶1 𝑆3 

      𝐿𝐶2 𝑆4 

    80 𝑀3 𝐿𝐶1 𝑆5 

      𝐿𝐶2 𝑆6 

  6 3.33 40 𝑀4 𝐿𝐶1 𝑆7 

      𝐿𝐶2 𝑆8 

    60 𝑀5 𝐿𝐶1 𝑆9 

      𝐿𝐶2 𝑆10 

    80 𝑀6 𝐿𝐶1 𝑆11 

      𝐿𝐶2 𝑆12 

  7 2.86 40 𝑀7 𝐿𝐶1 𝑆13 

      𝐿𝐶2 𝑆14 

    60 𝑀8 𝐿𝐶1 𝑆15 

      𝐿𝐶2 𝑆16 

    80 𝑀9 𝐿𝐶1 𝑆17 

      𝐿𝐶2 𝑆18 

 25 5 4.00 40 𝑀10 𝐿𝐶1 𝑆19 

      𝐿𝐶2 𝑆20 

    60 𝑀11 𝐿𝐶1 𝑆21 

      𝐿𝐶2 𝑆22 

    80 𝑀12 𝐿𝐶1 𝑆23 

      𝐿𝐶2 𝑆24 

  6 3.33 40 𝑀13 𝐿𝐶1 𝑆25 

      𝐿𝐶2 𝑆26 

    60 𝑀14 𝐿𝐶1 𝑆27 

      𝐿𝐶2 𝑆28 

    80 𝑀15 𝐿𝐶1 𝑆29 

      𝐿𝐶2 𝑆30 

  7 2.86 40 𝑀16 𝐿𝐶1 𝑆31 

      𝐿𝐶2 𝑆32 

    60 𝑀17 𝐿𝐶1 𝑆33 

      𝐿𝐶2 𝑆34 

    80 𝑀18 𝐿𝐶1 𝑆35 

      𝐿𝐶2 𝑆36 

 30 5 4.00 40 𝑀19 𝐿𝐶1 𝑆37 

      𝐿𝐶2 𝑆38 

    60 𝑀20 𝐿𝐶1 𝑆39 

      𝐿𝐶2 𝑆40 

    80 𝑀21 𝐿𝐶1 𝑆41 

      𝐿𝐶2 𝑆42 

  6 3.33 40 𝑀22 𝐿𝐶1 𝑆43 

      𝐿𝐶2 𝑆44 

    60 𝑀23 𝐿𝐶1 𝑆45 

      𝐿𝐶2 𝑆46 
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    80 𝑀24 𝐿𝐶1 𝑆47 

      𝐿𝐶2 𝑆48 

  7 2.86 40 𝑀25 𝐿𝐶1 𝑆49 

      𝐿𝐶2 𝑆50 

    60 𝑀26 𝐿𝐶1 𝑆51 

      𝐿𝐶2 𝑆52 

    80 𝑀27 𝐿𝐶1 𝑆53 

      𝐿𝐶2 𝑆54 

Note 

𝐿𝐶1: Loading case 1; Maximum applied force 𝐻 = 2 MN at a height of ℎ = 20 m. 

𝐿𝐶2: Loading case 2; Maximum applied force 𝐻 = 1 MN at a height of ℎ = 40 m. 

 

Table 6 Summary of the second set of FE-simulations 

Sand 𝐿 [mm] 𝐷 [mm] 𝐿/𝐷 𝐷𝑟[%] Model Loading case Simulation 

KFS 20 5 4.00 40 𝑀1 𝐿𝐶3 𝑆55 

    60 𝑀2 𝐿𝐶3 𝑆56 

    80 𝑀3 𝐿𝐶3 𝑆57 

  6 3.33 40 𝑀4 𝐿𝐶3 𝑆58 

    60 𝑀5 𝐿𝐶3 𝑆59 

    80 𝑀6 𝐿𝐶3 𝑆60 

  7 2.86 40 𝑀7 𝐿𝐶3 𝑆61 

    60 𝑀8 𝐿𝐶3 𝑆62 

    80 𝑀9 𝐿𝐶3 𝑆63 

 25 5 4.00 40 𝑀10 𝐿𝐶3 𝑆64 

    60 𝑀11 𝐿𝐶3 𝑆65 

    80 𝑀12 𝐿𝐶3 𝑆66 

  6 3.33 40 𝑀13 𝐿𝐶3 𝑆67 

    60 𝑀14 𝐿𝐶3 𝑆68 

    80 𝑀15 𝐿𝐶3 𝑆69 

  7 2.86 40 𝑀16 𝐿𝐶3 𝑆70 

    60 𝑀17 𝐿𝐶3 𝑆71 

    80 𝑀18 𝐿𝐶3 𝑆72 

 30 5 4.00 40 𝑀19 𝐿𝐶3 𝑆73 

    60 𝑀20 𝐿𝐶3 𝑆74 

    80 𝑀21 𝐿𝐶3 𝑆75 

  6 3.33 40 𝑀22 𝐿𝐶3 𝑆76 

    60 𝑀23 𝐿𝐶3 𝑆77 

    80 𝑀24 𝐿𝐶3 𝑆78 

  7 2.86 40 𝑀25 𝐿𝐶3 𝑆79 

    60 𝑀26 𝐿𝐶3 𝑆80 

    80 𝑀27 𝐿𝐶3 𝑆81 

Note 

𝐿𝐶3: Loading case 3; Maximum applied force 𝐻 = 6 MN at a height of ℎ = 20 m. 
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Table 7 Summary of the third set of FE-simulations 

Sand 𝐿 [mm] 𝐷 [mm] 𝐿/𝐷 𝐷𝑟[%] Model Loading case Simulation 

KFS 25 5 4.00 40 𝑀10 𝐿𝐶3 𝑆64 

    60 𝑀11 𝐿𝐶3 𝑆65 

    80 𝑀12 𝐿𝐶3 𝑆66 

  6 3.33 40 𝑀13 𝐿𝐶3 𝑆67 

    60 𝑀14 𝐿𝐶3 𝑆68 

    80 𝑀15 𝐿𝐶3 𝑆69 

HS 25 5 5.00 40 𝑀28 𝐿𝐶3 𝑆82 

    60 𝑀29 𝐿𝐶3 𝑆83 

    80 𝑀30 𝐿𝐶3 𝑆84 

  6 4.17 40 𝑀31 𝐿𝐶3 𝑆85 

    60 𝑀32 𝐿𝐶3 𝑆86 

    80 𝑀33 𝐿𝐶3 𝑆87 

TS 25 5 5.00 40 𝑀34 𝐿𝐶3 𝑆88 

    60 𝑀35 𝐿𝐶3 𝑆89 

    80 𝑀36 𝐿𝐶3 𝑆90 

  6 4.17 40 𝑀37 𝐿𝐶3 𝑆91 

    60 𝑀38 𝐿𝐶3 𝑆92 

    80 𝑀39 𝐿𝐶3 𝑆93 

BS 25 6 4.17 60 𝑀40 𝐿𝐶3 𝑆94 

KS 25 6 4.17 60 𝑀41 𝐿𝐶3 𝑆95 

S3 25 6 4.17 60 𝑀42 𝐿𝐶3 𝑆96 

Note 

𝐿𝐶3: Loading case 3; Maximum applied force 𝐻 = 6 MN at a height of ℎ = 20 m. 
 

4.3. Description of the FE simulation results 

4.3.1. First set of simulations 

The response of monopiles considering low loading conditions and different pile geometries 

and loading cases was analyzed with the results from the first set of FE simulations. A typical 

contour of displacements for this set of simulations is shown in Fig. 20 for the case of a 

monopile with 𝐿 = 20 m and 𝐷 = 6 m embedded in Karlsruhe fine sand with 𝐷𝑟 = 60% and 

under the action of the loading case LC1. The maximum total displacements are 0.030 m and 

the values of the maximum vertical and horizontal displacements are 0.021 m and 0.022 m 

respectively. In Fig. 20, displacements are observed along the entire length of the pile 

corresponding to the pile settlements caused by the action of the vertical loading and pile 

displacements caused by the action of the lateral loading. The largest displacements are 

located in the region near the pile head where the lateral loading is applied. 
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Fig. 20 Typical contour of displacements of the first set of simulations. Displacement units: 

meters. Pile length 𝐿 = 20 m, pile diameter 𝐷 = 6 m, relative density 𝐷𝑟 = 60% and 

loading case LC1. Karlsruhe fine sand parameters from (Westermann et al., 2014a), see 

Table 3. 

Deflection curves were obtained from the 54 simulations that conform the first set of FE 

simulations. The results are summarized in Fig. 21, Fig. 22 and Fig. 23 corresponding to the 

simulations with 𝐿 = {20; 25; 30} m respectively. The parametric study could capture 

different pile-soil flexural behavior varying from more rigid behavior in Fig. 21 (𝐿 = 20 m) 

to more flexible behavior in Fig. 23 (𝐿 = 30 m). Despite of the different flexural behaviors, 

all simulations presented rotational as well as flexural pile motion. Considering this, 

simplifications of the monopile motion as pure rigid or flexible behavior shall be avoided. 

Also, all simulations presented some mobilization of the pile base. This indicates that is quite 

possible that non-negligible shear reactions have been mobilized at the base of the piles. 

Section 4.3.4 will discuss this issue further. 

As expected, the largest pile displacements are associated with lower relative densities and 

smaller pile diameters and embedment lengths. Also, for a given moment loading, a smaller 

load eccentricity ℎ results in a larger force 𝐻, which generates more displacements. All the 

considered variations of  pile geometry and loading cases appear to have a significant 

influence on the simulation results, as seen in Fig. 21 to Fig. 23. 
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The depth of the rotation point 𝑧𝑟𝑜𝑡 of the monopiles was also extracted from the FE 

simulations and analyzed. The simulations results suggest that the ratio 𝑧𝑟𝑜𝑡/𝐿 is not 

significantly affected by changes in the pile diameter or relative density of the soil, and 

instead it seems to depend on the pile length and loading eccentricity. The average ratio 

𝑧𝑟𝑜𝑡/𝐿 for the models with 𝐿 = {20;  25;  30} m was estimated as 𝑧𝑟𝑜𝑡/𝐿 =

 {0.75;  0.73;  0.70}. For increasing pile embedment length, the ratio 𝑧𝑟𝑜𝑡/𝐿 seems to 

decrease. The average ratio 𝑧𝑟𝑜𝑡/𝐿 for the models with ℎ = {20;  40} m was measured as 

𝑧𝑟𝑜𝑡/𝐿 =  {0.75;  0.71}. The results suggest that for increasing load eccentricities, the ratio 

𝑧𝑟𝑜𝑡/𝐿 decreases. The maximum and minimum values of 𝑧𝑟𝑜𝑡/𝐿 from all models were 0.78 

and 0.61.  

 

Fig. 21 FE simulation results of the first set of simulations. Pile deflection curves under 

static loading. Pile length 𝐿 = 20 m, pile diameter 𝐷 = {5;  6;  7} m and relative densities 

𝐷𝑟 = {40%;  60%;  80%}. Karlsruhe fine sand parameters from (Westermann et al., 

2014a), see Table 3.  
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Fig. 22 FE simulation results of the first set of simulations. Pile deflection curves under 

static loading. Pile length 𝐿 = 25 m, pile diameter 𝐷 = {5;  6;  7} m and relative densities 

𝐷𝑟 = {40%;  60%;  80%}. Karlsruhe fine sand parameters from (Westermann et al., 

2014a), see Table 3. 
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Fig. 23 FE simulation results of the first set of simulations. Pile deflection curves under 

static loading. Pile length 𝐿 = 30 m, pile diameter 𝐷 = {5;  6;  7} m and relative densities 

𝐷𝑟 = {40%;  60%;  80%}. Karlsruhe fine sand parameters from (Westermann et al., 

2014a), see Table 3. 

4.3.2. Second set of simulations 

The response of monopiles considering more severe loading conditions and different pile 

geometries was analyzed with the results from the second set of FE simulations. A typical 

contour of displacements for this set of simulations is shown in Fig. 24 for the case of a 

monopile with 𝐿 = 20 m and 𝐷 = 6 m embedded in Karlsruhe fine sand with 𝐷𝑟 = 60% and 

under the action of the loading case LC3. Compared to the first set of simulations, in this 

case the rotational motion of the monopile is more evident due to the higher lateral loads 

applied. The largest displacements are located in the regions near the pile’s head and base, 

and a region with smaller displacements is observed above the pile base, which illustrates the 

tendency of the monopile to rotate around a rotation point. 
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Fig. 24 Typical contour of displacements of the second set of simulations. Displacement 

units: meters. Pile length 𝐿 = 20 m, pile diameter 𝐷 = 6 m, relative density 𝐷𝑟 = 60% and 

loading case LC3. Karlsruhe fine sand parameters from (Westermann et al., 2014a), see 

Table 3. 

The evolution of the horizontal stresses on the soil domain is also analyzed with the FE 

simulations results. Fig. 25 presents the horizontal total stresses at different loading stages, 

namely, the initial condition, after the application of the vertical loading and after the 

application of the lateral loading. Considering the adopted “wished-in-place” modelling 

approach, only a negligible perturbance on the horizontal stresses is observed at the initial 

condition and due to the action of the vertical loading. After the application of the lateral 

loading, an increase of the horizontal stresses is observed on the front (right-hand) and upper 

side of the pile and on the back (left-hand) and bottom side of the pile. The effect is observed 

in a region within a distance of at least 2𝐷 around the monopile. 

Load-displacement curves at ground level were obtained from the 27 simulations that 

conform the second set of FE simulations. For this, a coupled Abaqus/Python script was 

written to extract the pile displacements at ground level from the output files generated by 

the FE simulations. The resulting load-displacement curves are shown in Fig. 26. As by the 

first set of FE simulations, a strong influence of the pile geometry and soil relative density 

on the pile response is observed. The load-displacement curves show an non-linear behavior 

from the beginning and do not reach a plateau that indicates an ultimate pile resistance even 

when large loads are evaluated.  
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Fig. 25 Evolution of the horizontal stresses. Pile length 𝐿 = 20 m, pile diameter 𝐷 = 6 m, 

relative density 𝐷𝑟 = 60% and loading case LC3. Karlsruhe fine sand parameters from 

(Westermann et al., 2014a), see Table 3. 
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Fig. 26 FE simulation results of the second set of simulations. Load-deflection curves under 

static loading at ground level. Pile length 𝐿 = {20; 25;  30} m, pile diameter 𝐷 = {5;  6;  7} 
m and relative densities 𝐷𝑟 = {40%;  60%;  80%}. Karlsruhe fine sand parameters from 

(Westermann et al., 2014a), see Table 3. 
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4.3.3. Third set of simulations 

The load-displacement curves from the third set of FE simulations are shown in Fig. 27 and 

Fig. 28. The same Abaqus/Python script described in the last section was used to extract the 

pile displacements at ground level. Fig. 27 presents the results of the simulations with three 

different fine sands, namely Karlsruhe fine sand, Hochstetten sand and Toyoura Sand, 

accounting for variations of the pile diameter 𝐷 = {5;  6} m and relative densities 𝐷𝑟 =

{40%;  60%;  80%} for a given length 𝐿 = 25 m. Although the three sands are fine sands, 

there are notable differences between the pile load-displacement responses, specially when 

comparing the results for Toyoura sand with the results for the other sands. The largest 

groundline displacements, which are obtained on the simulation for Toyoura sand with 𝐷𝑟 =

40%, 𝐷 = 5 m and 𝐿 = 25 m, are in the range of  0.04 𝐷. Even at that level of mobilization, 

load-displacement curves did not reach an evident ultimate pile resistance.  

 

Fig. 27 FE simulation results of the third set of simulations. Load-deflection curves under 

static loading at ground level. Pile length 𝐿 = 25 m, pile diameter 𝐷 = 6 m and relative 

densities 𝐷𝑟 = {40%;  60%;  80%}. See Table 3 for material parameters. 

Fig. 28 shows the load-displacement curves for six different sands considering a specific pile 

geometry, namely 𝐷 = 6 m and 𝐿 = 25 m, and a specific relative density of the soil 𝐷𝑟 =

60 %. In this case, fine to coarse grained sands are considered. Very different pile responses 

were obtained for the same pile geometry and soil’s relative density. The smallest pile 

displacements at ground level correspond to the model implementing the parameters of the 
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Komorany sand, whereas the largest displacements correspond to the model implementing 

the parameters of the Toyoura sand.  

 

Fig. 28 FE simulation results of the third set of simulations. Load-deflection curves under 

static loading at ground level. Pile length 𝐿 = 25 m, pile diameter 𝐷 = 6 m and relative 

density 𝐷𝑟 = 60%. See Table 3 for material parameters. 

4.3.4. Determination of the base shear reaction 

In practice, there is little guidance on how to incorporate the base shear force into 

conventional 𝑝-𝑦 models, despite its proven importance. In fact, one of the main limitations 

of the conventional 𝑝-𝑦 method (e.g. (API, 2014b; DNV-GL-AS, 2016)) for its application 

on large diameter monopiles is the non-consideration of additional soil reactions as the base 

shear force ((Bouzid, 2018; Byrne et al., 2017). This work attempts to contribute to this issue 

with numerical measurements of this force.  

The soil reactions acting on a laterally loaded monopile are represented as shear and normal 

stresses which are mobilized on the contact surfaces between the monopile and the 

surrounding soil. In accordance, the base shear force reaction 𝑆𝐵 is generated by pile base 

displacements which are able to mobilize shear stresses at the base. This reaction is usually 

neglected on the analysis of flexible piles (L. C. Reese & Van Impe, 2011), since the latter 

do not present significant horizontal displacements at the base, and hence, their shear stresses 

are not mobilized. For piles with rigid or semi-rigid behavior, as the ones studied in the 

present work, the pile base usually presents non-negligible displacements even at low loading 

conditions, as seen in Fig. 21 to Fig. 23.  
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In this work, the base shear force was extracted from the FE simulation results as the 

integration of the shear stresses generated at the pile base which act on the loading direction. 

This was done for the 27 simulations that conform the second set of FE simulations. To that 

end, a coupled Abaqus/Python script was written to extract Abaqus output data concerning 

the shear stresses and pile displacements at the base. The shear stresses (in this case, values 

of S23) were extracted from the centroid of half of the finite elements located below the pile 

and the soil within the pile, taking advantage of the symmetry of the problem, see Fig. 29. 

The pile lateral displacements at the base (in this case, values of U2) were extracted from 

four representative nodes as shown in Fig. 30. For each element and node selected from each 

of the simulations, the script generated a file with the extracted data versus time.  

 

 

Fig. 29 Selected elements to extract the base shear reaction from the FE simulations. 

 

 

Fig. 30 Selected nodes to extract the pile base displacements from the FE simulations. 
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A Matlab code was written to process the data and to obtain the base shear force curves for 

each simulation. The pile displacements at the base 𝑦𝐵 were computed as the average of the 

extracted nodal displacements. The base shear forces 𝑆𝐵 were calculated as twice the sum of 

the individual shear forces mobilized on each of the considered finite elements (𝐹23𝐸𝐿) as: 

𝑆𝐵 = 2 ∑ 𝐹23𝐸𝐿  (36) 

The shear forces from each element 𝐹23𝐸𝐿 were computed as:  

𝐹23𝐸𝐿 = 𝑆23𝐸𝐿 𝐴𝐸𝐿 (37) 

where 𝑆23𝐸𝐿 are the shear stresses extracted from each element and 𝐴𝐸𝐿 is the area of the 

face of the finite element located at the contact surface. The area 𝐴𝐸𝐿 was computed from the 

coordinates of the vertices of each element face. The results are shown in Fig. 31 and indicate 

that all models mobilized a non-negligible base shear reaction, which should not be ignored 

in the analysis and design of monopiles. According to the results, the base shear reaction 

shows a non-linear behavior with respect to the pile base displacements and shows a 

dependency on the soil’s relative density as well as on the pile geometry. 

For analysis purposes, Fig. 32 shows the base shear reaction curves from nine different 

models with different pile diameters 𝐷 = {5; 6; 7} m and embedment lengths 𝐿 =

{20; 25; 30} m and an specific soil’s relative density of 𝐷𝑟 = 60%. The results indicate that 

the base shear reaction is greater for the models that exhibit a more rigid behavior (models 

with lower aspect ratios 𝐿/𝐷). For example, as previously seen in Fig. 21, the models with 

𝐿 = 20 m present a more rigid behavior. This behavior is also recognized in the results in 

Fig. 32, where the models with 𝐿 = 20 m present the largest values of mobilized base shear 

forces. 
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Fig. 31 Measured base shear reaction 𝑆𝐵 from FE simulation results. Pile length 𝐿 =
{20;  25;  30} m, pile diameter 𝐷 = {5;  6;  7} m and relative densities 𝐷𝑟 =

{40%;  60%;  80%}. Karlsruhe fine sand parameters from (Westermann et al., 2014a), see 

Table 3. 
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Fig. 32 Measured base shear reaction 𝑆𝐵 from FE simulation results. Pile length 𝐿 =
{20;  25;  30} m, pile diameter 𝐷 = {5;  6;  7} m and relative density 𝐷𝑟 = 60%. Karlsruhe 

fine sand parameters from (Westermann et al., 2014a), see Table 3. 

4.3.5. Implications of the ‘wished-in-place’ approach 

In the FE-modelling, the structure was considered as a “wished-in-place” pile. Therefore, 

from the beginning of the simulation, the pile’s elements were introduced into the FE-model. 

The driving effect was not considered for sake of simplicity; however, it is important to 

remark how this assumption could affect the results. In the installation of displacement piles, 

the soil is not removed and is rather displaced vertically and radially while the pile is driven 

into the soil. This implies two principal consequences. First, the compaction process could 

increase the mechanical properties of the soil and second, a change of the small displacements 

field could occur, affecting consequently the stress-strain state. 

When referring to the consequences mentioned above considering cohesionless soil 

compaction due to the pile’s driving process, there is a reduction of the air voids between the 

package of particles composing the soil. The latter results in the increase of the soil’s density, 

thus, the increase of the dry unit weight of the soil and changes in the shear strength. In the 

constructed FE models, by ignoring the driving effect, an increase of the shear strength of 

the soil was not considered. This could imply an underestimation of the skin resistance of the 

pile and lead to a predicted lower skin bearing capacity. However, this is not the topic of 

concern in this thesis. The concern is that, in the second stage, the stress state after imposing 

the gravity forces could be different from the one expected to be found in real field conditions 

due to the compacting process. This may result in overestimated displacements after applying 

the load, which may directly affect the performance of the 𝑝-𝑦 model to be proposed in this 

work, considering that the FE-simulations are used to calibrate the 𝑝-𝑦 model. Therefore, the 

predictions from the 𝑝-𝑦 model could overestimate the real in-situ conditions, due do the 

errors induced during the calibration process based on the FEM results.  
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5.  

Chapter 5: 𝑝-𝑦 model for large diameter 

monopiles in sands 

 
5.1. Generalities  

This section provides the formulation and evaluation of a novel 𝑝-𝑦 model for laterally loaded 

monopiles under the action of static and long-term cyclic loading. The proposed model 

considers the pile as a beam in contact with non-linear spring elements along its length, 

following the BNWF approach, and a spring element at the base to incorporate a base shear 

force 𝑆𝐵, see Fig. 33. The model considers non-linear relationships for the ultimate soil 

resistance 𝑝𝑢 and the initial subgrade reaction modulus 𝐸𝑝𝑦0 among depth, as well as a factor 

to account for long-term cyclic loading that depends on the soil’s relative density and loading 

amplitude. The results from the FE simulations presented in the previous section were used 

to formulate and calibrate the model, along with the results from some FE simulations 

reported in the literature. Therefore, the proposed model is oriented for the analysis and 

design of monopiles with diameters between 𝐷 = {5 − 7} m and embedment lengths 

between 𝐿 = {20 − 30} m, founded in sands. 
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Fig. 33 Sketch of the adopted BNWF approach. 

5.2. Formulation of the 𝒑-𝒚 model  

5.2.1. Ultimate soil resistance 

The conventional formulations for the ultimate soil resistance 𝑝𝑢 exhibit some limitations 

when applied to large diameter monopiles. For instance, some authors (Bouzid, 2018; W. Li 

et al., 2017) have argued that the original formulation of 𝑝𝑢 as proposed by (Lymon C. Reese 

et al., 1974), and later adopted with some modifications by (API, 2014a), was developed 

assuming an specific value of the earth pressure coefficient at rest 𝐾0. The above is not 

convenient considering that an specific value of 𝐾0 is intrinsically related to an specific state 

of the soil’s relative density, friction angle and overconsolidation ratio. This leads to the 

conclusion that a formulation of 𝑝𝑢 with an improved dependency on the soil’s density state 

may be required. 

In addition, the need for a new theoretical background for the formulation of 𝑝𝑢 has been 

discussed by some authors (Bouzid, 2018; Choo & Kim, 2016). The original formulation of 

𝑝𝑢 by (Lymon C. Reese et al., 1974) assumes two soil failure models, namely a wedge type 

failure mechanism near the ground surface and a flow-around failure mechanism at greater 

depths. This concept is fundamentally related to the motion of flexible piles with small 

diameters, for which it was proposed. According to this formulation, two different equations 

are used to compute 𝑝𝑢 depending on the depth. The particular depth at which the failure 

mechanisms shift is supposed to correspond to a depth along the pile at which the ultimate 

soil resistances provided by both equations are equal. However, (Bouzid, 2018) found that 

for large diameter monopiles, the theoretical shift in the failure concepts according to the 
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formulation of 𝑝𝑢 by (Lymon C. Reese et al., 1974) always occurs well below the base of the 

pile. This means that when this formulation is applied, only the equation formulated for the 

wedge type failure mechanism is rendered. The question arises whether this resulting failure 

mechanism is applicable for large diameter monopiles.  

The latter issue is related to the discrepancy between the actual monopile kinematics, and the 

pile kinematics observed on the experiments which were used to formulate the current 𝑝𝑢 

models, as discussed by (McGann et al., 2011). Based on their FE simulation analysis, it was 

concluded that there is a strong influence of the pile kinematics on the resulting 𝑝-𝑦 curves 

obtained from back-calculation of the pile deflection curves. Therefore, if one intended to 

obtain an adequate formulation of the 𝑝-𝑦 curves (and also, of the 𝑝𝑢 distribution) for an 

specific pile kinematic case, the base data should correspond either to piles exhibiting the 

same kinematic case or a case in which the pile does not deform and hence does not influence 

the 𝑝-𝑦 behavior. 

In this sense, some measurements of 𝑝𝑢 from numerical and experimental studies that could 

be used as benchmark for large diameter monopiles are hereafter described. Choo and Kim 

(Choo & Kim, 2016) extracted experimental 𝑝-𝑦 curves from centrifuge tests on large 

diameter monopiles. Although the results did not reach a plateau indicating the values of the 

ultimate soil resistance 𝑝𝑢, the experimental 𝑝-𝑦 curves did exhibit a general lower resistance 

than the curves from API (API, 2014a) and Reese et al. (Lymon C. Reese et al., 1974), 

suggesting an overestimation of 𝑝𝑢. McGann et al. (McGann et al., 2011) obtained 𝑝𝑢 

distributions from FE simulations of a deep monopile with embedment length of 𝐿 = 30 m 

and diameter of 𝐷 = 1.37 m. The mentioned study concluded, that for deep zones 𝑧 > 10 m, 

the equation by API (API, 2014a) overestimates 𝑝𝑢 while other relationships such as the one 

by Barton (Barton, 1982) (see Eq. (38)) showed a better agreement. However, the 𝑝𝑢 

distribution presented a non-linear shape among depth, which was not reproduced by any of 

the studied relationships. Zhang et al. (Zhang et al., 2005) compared different 𝑝𝑢 equations 

(Barton, 1982; J. B. Hansen, 1961; Lymon C. Reese et al., 1974) against measurements of 

the maximum pressure at the front of different short piles reported in the literature (Adams 

& Radhakrishna, 1973; Chari & Meyerhof, 1983; Joo, 1985; Meyerhof & Sastry, 1985; 

Prasad & Chari, 1999), and concluded, that Barton’s equation (Barton, 1982) provides more 

accurate estimations. 

Based on the above findings, a new relationship for 𝑝𝑢 is presented on this work. To 

formulate the 𝑝𝑢 equation, two main goals were set, namely, to obtain a 𝑝𝑢 formulation that 

i) directly depends on the soil’s relative density and ii) exhibits a non-linear distribution 

among depth. Most studies that have reported empirical relationships for 𝑝𝑢 include in their 

formulations the soil effective stress 𝜎′ (or similarly, the depth 𝑧) and the pile diameter 𝐷 

(Barton, 1982; Broms, 1964; Fleming et al., 2009; J. B. Hansen, 1961; Lymon C. Reese et 
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al., 1974). In particular, Barton (Barton, 1982) proposed the following equation depending 

on the passive earth pressure coefficient 𝐾𝑝: 

𝑝𝑢 = 𝐾𝑝
2𝜎′𝐷,     with  𝐾𝑝 = tan

2(45 + 𝜑/2) (38) 

where 𝜑 is the peak friction angle which depends on the soil’s density. As previously shown, 

Barton’s equation showed a good agreement with FE simulations results (McGann et al., 

2011) and experimental results (Zhang et al., 2005). Considering this, the proposed equation 

was set to adjust to Barton’s equation at a particular depth 𝑧 = 𝑧′. This allowed for accurate 

estimations of 𝑝𝑢 in accordance to the values reported in (McGann et al., 2011) and showed 

a satisfactory performance for the FE simulations considered in this work. Moreover, to 

improve the 𝑝𝑢 distribution among depth and enable a direct dependency on the soil’s relative 

density, the proposed 𝑝𝑢 was set as proportional to the oedometric (bulk) stiffness of the soil. 

This is obtained by the following equation: 

𝑝𝑢 = 𝑐𝑝𝑢𝑘
bulk (39) 

where 𝑐𝑝𝑢 is a factor responsible to adjust the proposed 𝑝𝑢 with Barton’s equation at a 

particular depth 𝑧 = 𝑧′, and 𝑘bulk is the oedometric bulk stiffness obtained as 𝑘bulk =

𝜕�̇�′/𝜕휀�̇�, with 휀�̇� being the volumetric strain rate under oedometric conditions.  

The oedometric bulk stiffness 𝑘bulk is obtained as described below. Following Bauer’s 

equation (Bauer, 1992), under isotropic and oedometric compression, the loosest, critical and 

densest void ratio curves of a sand are: 

𝑒𝑖
𝑒𝑖0

=
𝑒𝑐
𝑒𝑐0

=
𝑒𝑑
𝑒𝑑0

= exp [−(
3 �̅�′

ℎ𝑠
)

𝑛𝐵

] (40) 

Where 𝜎′ = (𝜎′ + 2𝜎𝑥
′)/3 is the mean stress, 𝑒𝑖, 𝑒𝑐, 𝑒𝑑 denote the loosest (“𝑖”), critical (“𝑐”) 

and densest void ratios (“𝑑”), the constants 𝑒𝑖0, 𝑒𝑐0, 𝑒𝑑0 are the loosest, densest and critical 

void ratios at 𝜎′ = 0, and ℎ𝑠 and 𝑛𝐵 are fitting parameters. Differentiation of Equation 40 

for the loosest condition 𝑒 = 𝑒𝑖 gives: 

�̇� = 𝑒𝑖0  exp [−(
3 �̅�′

ℎ𝑠
)

𝑛𝐵

] (−𝑛𝐵  (
3 �̅�′

ℎ𝑠
)

𝑛𝐵−1

(
3 �̇̅�′

ℎ𝑠
) ) (41) 

Substitution of  𝑒𝑖 = 𝑒𝑖0 exp [− (
3 �̅�′

ℎ𝑠
)
𝑛𝐵
] and reorganization of the equation gives: 

�̇� = −𝑒𝑖 𝑛𝐵  (
3 �̅�′

ℎ𝑠
)

𝑛𝐵−1

(
3 �̇̅�′

ℎ𝑠
) (42) 

�̇̅�′ = − (
3 �̅�′

ℎ𝑠
)

1−𝑛𝐵

(
ℎ𝑠

3 𝑛𝐵 𝑒𝑖
) �̇�                  (for 𝑒 = 𝑒𝑖) (43) 
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The bulk modulus 𝑘bulk, defined as 𝑘bulk = 𝜕�̇�′/𝜕휀�̇� with 휀�̇� = �̇�/(1 + 𝑒), can be deduced 

from Equation (43) for the condition 𝑒 = 𝑒𝑖: 

𝑘bulk = 𝑘0
bulk = (

3 �̅�′

ℎ𝑠
)

1−𝑛𝐵 ℎ𝑠
3 𝑛𝐵 𝑒𝑖

(1 + 𝑒𝑖)       (for 𝑒 = 𝑒𝑖)  (44) 

Note that 𝑘bulk = 𝑘0
bulk for the state 𝑒 = 𝑒𝑖. For other densities, Bauer (Bauer, 1996) 

proposed to introduce the density-dependent factor 𝑓𝑒, such that: 

𝑘bulk =
𝑓𝑒
𝑓𝑒𝑖
 (
3 �̅�′

ℎ𝑠
)

1−𝑛𝐵 ℎ𝑠
3 𝑛𝐵 𝑒𝑖

(1 + 𝑒),    with 𝑓𝑒 = (
𝑒𝑐
𝑒
)
𝛽

 and 𝑓𝑒𝑖 = (
𝑒𝑐0
𝑒𝑖0
)
𝛽

 (45) 

where 𝛽 is a parameter and 𝑓𝑒𝑖 has been introduced to keep consistency with 𝑘bulk|𝑒=𝑒𝑖 =

 𝑘0
bulk. Substitutions of the equations for 𝑓𝑒 and 𝑓𝑒𝑖 in the last equation gives: 

𝑘bulk = (
𝑒𝑐 × 𝑒𝑖0
𝑒 × 𝑒𝑐0

)
𝛽

 (
3 �̅�′

ℎ𝑠
)

1−𝑛𝐵

 
ℎ𝑠

3 𝑛𝐵 𝑒𝑖
(1 + 𝑒), (46) 

One may assume that the distribution of the void ratio 𝑒 with depth is governed by a similar 

equation to Equation (40) as: 

𝑒 = 𝑒0 exp [(
3 �̅�′

ℎ𝑠
)

𝑛𝐵

] 
(47) 

where 𝑒0 is the void ratio at 𝑧 = 0. Substitution of Equation (47) in Equation (46) gives the 

resulting equation for the oedometric bulk stiffness:  

𝑘bulk = (
𝑒𝑖0
𝑒0
)
𝛽

 (
3 �̅�′

ℎ𝑠
)

1−𝑛𝐵

 
ℎ𝑠

3 𝑛𝐵 𝑒𝑖
(1 + 𝑒), (48) 

According to Equation (39), the proposed 𝑝𝑢 is adjusted to match Barton’s equation 

(Equation (38)) at a certain depth 𝑧 = 𝑧′ and under the loose state 𝑒 = 𝑒𝑖, by means of the 

factor 𝑐𝑝𝑢. Under the loose state 𝑒 = 𝑒𝑖, the soil’s friction angle is equal to the critical state 

friction angle 𝜑 = 𝜑𝑐, and therefore 𝐾𝑝 = 𝐾𝑝0 = tan2(45 + 𝜑𝑐/2). Substitution of the 

aforementioned equations in Equation (39) and using Barton’s equation (Equation (38)), 

gives: 

𝑐𝑝𝑢 =
𝐾𝑝0
2 𝜎𝑧′

′ 𝐷

𝑘0
bulk

,      with 𝐾𝑝0 = tan
2(45 + 𝜑𝑐/2) (49) 

where 𝜎𝑧′
′  is the effective stress evaluated at 𝑧 = 𝑧′. In this work, a value of 𝑧’ = 20 m has 

been found to provide accurate estimations for 𝑝𝑢. Substitution of Equation (49) and (44) in 

Equation (39) gives: 
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𝑝𝑢 = 𝐾𝑝0
2 𝜎𝑧′

′ 𝐷 (
𝑒𝑖0
𝑒0
)
𝛽

(
�̅�′

�̅�𝑧′
′ )

1−𝑛𝐵 (1 + 𝑒)

(1 + 𝑒𝑖)
 (50) 

Notice that 𝑝𝑢 depends on the void ratio 𝑒.  Considering that (𝜎′/𝜎𝑧′
′ ) = (𝜎′/𝜎𝑧′

′ ) and (1 +

𝑒)/(1 + 𝑒𝑖) ≈  (1 + 𝑒0)/(1 + 𝑒𝑖0), the following simplified version of Equation (50) is 

obtained: 

𝑝𝑢 = 𝐾𝑝0
2 𝜎𝑧′

′ 𝐷 (
𝑒𝑖0
𝑒0
)
𝛽

(
𝜎′

𝜎𝑧′
′ )

1−𝑛𝐵 (1 + 𝑒0)

(1 + 𝑒𝑖0)
 (51) 

The void ratio 𝑒0 at 𝑧 = 0 can be determined for a given relative density 𝐷𝑟 as: 

𝑒0 = 𝑒𝑐0 −𝐷𝑟(𝑒𝑐0 − 𝑒𝑑0) (52) 

Equations (51) and (52) require definition of the set of parameters {𝜑𝑐, 𝑒𝑖0, 𝑒𝑑0, 𝑛𝐵, 𝛽} and 

the relative density 𝐷𝑟.  

The proposed equation is plotted in Fig. 34 against the FE simulation results by McGann et 

al. (McGann et al., 2011) as well as the equations by Barton (Barton, 1982) and API (API, 

2014a). In McGann et al. (McGann et al., 2011) a Mohr-Coulomb model with parameters 

describing a medium sand (𝜑 = 36°, 𝛾 = 17 kN/m3) was used. Considering 𝜑 = 36° and 

𝐷𝑟 = 50%, parameter 𝛽 = 1.24 was computed as recommended in Section 5.4. Other 

parameters {𝜑𝑐, 𝑒𝑖0, 𝑒𝑐0, 𝑒𝑑0, 𝑛𝐵} =  {33.1°, 1.212, 1.054, 0.677, 0.32} are borrowed 

from the Karlsruhe fine sand as an approximation (see Table 3). Fig. 34 shows a satisfactory 

performance of the proposed 𝑝𝑢 equation in comparison to the equations by Barton (Barton, 

1982) and API (API, 2014a). 

  

Fig. 34 Proposed ultimate soil resistance 𝑝𝑢 against numerical measurements by McGann et 

al. (McGann et al., 2011) and the proposed equations by API (API, 2014a) and Barton 

(Barton, 1982). 
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Fig. 35 compares the proposed equation with Barton’s equation for the loose state condition 

𝑒 = 𝑒𝑖 where 𝜑 = 𝜑𝑐 and 𝐾𝑝 = 𝐾𝑝0 = tan
2(45 + 𝜑𝑐/2). The results show that the proposed 

𝑝𝑢 equation coincides with Barton’s equation at the depth 𝑧 = 𝑧′ = 20 m, as it was intended.  

For other densities, the 𝑝𝑢 relationship varies according to Equation (51). This is shown in 

Fig. 36 where different 𝐷𝑟 distributions are evaluated, namely increasing, decreasing and 

constant distributions. Note than an almost linear relationship for 𝑝𝑢 with 𝑧 is obtained only 

for increasing behavior of 𝐷𝑟 with depth. 

 

Fig. 35 Proposed ultimate soil resistance 𝑝𝑢 against the equation by Barton (Barton, 1982) 

for the loose state condition 𝑒 = 𝑒𝑖. 

 

 

Fig. 36 Influence of the relative density 𝐷𝑟 distribution on the proposed ultimate soil 

resistance 𝑝𝑢. 
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5.2.2. Soil reaction 

As in the conventional 𝑝-𝑦 method by API (Equation (13) in Section 2.2.2), the lateral soil 

reaction 𝑝 was set as proportional to the ultimate soil resistance 𝑝𝑢, a hyperbolic tangent 

factor and a function for cyclic loading 𝑓𝐴, see Equation (53). The proposed hyperbolic 

tangent factor is primarily a function of the pile displacement 𝑦. Thus, for increasing pile 

displacements 𝑦 and under monotonic loading, the proposed soil reaction 𝑝 reaches the value 

of 𝑝𝑢 and remains unchanged, considering that by definition the hyperbolic tangent function 

continuously increases from 0 to 1.  

However, unlike the API equation, the pile displacements in the proposed hyperbolic tangent 

argument are raised to an exponent 𝑛𝑦, which is not necessarily equal to 1. This was proposed 

in order to gain more control over the shape of the relationship between 𝑝 and 𝑦 by means of 

a parameter that could be fixed compared to the FE simulations, such as 𝑛𝑦. Furthermore, 

considering that 𝑝-𝑦 curves are related to both soil properties and pile geometry, the proposed 

hyperbolic tangent argument also includes the pile diameter 𝐷 and the pile embedment length 

𝐿. Two additional exponents 𝑛𝐷 and 𝑛𝐿, as well as a factor 𝑐𝑝 that multiplies the hyperbolic 

tangent argument, were considered in the formulation in order to allow the fitting of the 

results of the 𝑝-y model to the FE simulations results. Considering the above, the following 

generalized equation is suggested: 

𝑝 =  𝑝𝑢 tanh[𝑐𝑝 |�̅�|
𝑛𝑦  𝐷𝑛𝐷𝐿𝑛𝐿] 𝑓𝐴 sign(�̅�),   with �̅� = 𝑦 + 𝑦0 (53) 

where 𝑓𝐴 is a function for cyclic loading and the set {𝑐𝑝, 𝑛𝑦, 𝑛𝐷 , 𝑛𝐿 , 𝑦0} are proposed 

parameters which ought to be adjusted using the results from the conducted FE simulations. 

The set of parameters {𝑐𝑝, 𝑛𝑦, 𝑛𝐷 , 𝑛𝐿 , 𝑦0} are proposed as fixed parameters within the range 

of pile geometries and soil conditions considered in this study. For applications outside the 

studied range of pile geometries and soil conditions, recalibration of the parameters may be 

required.  The operators tanh(∪) and sign(∪) extract the hyperbolic tangent and the sign of 

any arbitrary function ∪ respectively. Factor sign(�̅�) has been introduced to simulate a 

similar ”S-shape” behavior as by the hyperbolic tangent. The constant 𝑦0 has been introduced 

to control the initial subgrade reaction modulus 𝐸𝑝𝑦0, as explained below in Section 5.3.3.  

Factors 𝐷𝑛𝐷 and 𝐿𝑛𝐿 allow to account for the influence of the pile geometry on the 𝑝-𝑦 curve.  

5.2.3. Initial subgrade reaction modulus 

The initial subgrade reaction modulus 𝐸𝑝𝑦0 is obtained from Equation (53) as the 

differentiation 𝜕𝑝/𝜕𝑦 evaluated at 𝑦 = 0 and reads:  

𝐸𝑝𝑦0 =
𝜕𝑝

𝜕𝑦
|
𝑦=0

= 𝑐𝑝 𝑛𝑦 𝑓𝐴 𝑝𝑢 𝐷
𝑛𝐷𝐿𝑛𝐿  𝑓𝑦0,   

with 𝑓𝑦0 = 𝑦0
(𝑛𝑦−1) sech2[𝑐𝑝𝑦0

𝑛𝑦  𝐷𝑛𝐷𝐿𝑛𝐿] 

(54) 
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Substitution of Equation (51) in Equation (54) results in: 

𝐸𝑝𝑦0 = 𝑐𝑝 𝑛𝑦 𝑓𝐴 (𝐾𝑝0
2  𝜎𝑧′

′ 𝐷 (
𝑒𝑖0
𝑒0
)
𝛽

(
𝜎′

𝜎𝑧′
′ )

1−𝑛𝐵 (1 + 𝑒0)

(1 + 𝑒𝑖0)
) 𝐷(𝑛𝐷+1)𝐿𝑛𝐿  𝑓𝑦0 (55) 

Note that the proposed initial subgrade reaction modulus 𝐸𝑝𝑦0 directly depends on the 𝑝𝑢 

profile, see Equation (54). Consequently, the proposed initial subgrade reaction modulus also 

depends on the soil’s relative density and is proportional to the soil’s oedometric stiffness 

𝑘bulk (Equation (48)). This is in accordance with some authors (Kézdi, 1970; Wiemann et 

al., 2004) that have also related the initial subgrade reaction modulus 𝐸𝑝𝑦0 to the oedometric 

stiffness 𝑘bulk. Moreover, the proposed 𝐸𝑝𝑦0 also depends on the pile diameter 𝐷, which has 

been also confirmed by other works (D. Kallehave et al., 2012; Sørensen et al., 2010; 

Wiemann et al., 2004).  

5.2.4. Base shear reaction 

From the analysis of the FE simulations results in Section 4.3, it was concluded that the 

incorporation of a base shear reaction 𝑆𝐵 is necessary for the considered range of pile 

geometries. In this work, a model is proposed for this reaction and its formulation is presented 

in this section. Calibration of the proposed mathematical expression using direct 

measurements from the conducted FE simulations and its comparison with the extracted 

numerical data is given in Section 5.3 (see Fig. 40). 

Some works have proposed 𝑆𝐵 formulations in which the base shear reaction is proportional 

to the self-weight (LeBlanc, Houlsby, et al., 2010), the pile displacement at the base (Burd et 

al., 2019) and the pile rotation at the base (Gupta & Basu, 2016). In this work, the following 

relationship is proposed:  

𝑆𝐵 = 𝑆𝐵,max tanh(𝑐𝑠𝑦𝐵) (56) 

Where 𝑆𝐵,max  is the maximum value for 𝑆𝐵, 𝑦𝐵 is the pile lateral displacement at the base 

and 𝑐𝑠 is a constant adjusted to the conducted FE simulations. Similar to (LeBlanc, Houlsby, 

et al., 2010), 𝑆𝐵,max  is computed from the Coulomb theory as: 

𝑆𝐵,max = 𝑊𝑡 tan(𝜑𝐵) (57) 

where 𝑊𝑡 is the resulting vertical force acting at the pile base and 𝜑𝐵 is the peak friction 

angle at the pile base. The resulting force 𝑊𝑡 is obtained as:  

𝑊𝑡 = (𝑄 + 𝑊𝑝  −  𝑈𝐿  ) 𝑟𝑠  +  𝑊𝑠 (58) 

where 𝑄 is the weight of the tower, substructure and nacelle/rotor assembly, 𝑊𝑝 is the weight 

of the pile, 𝑊𝑠 is the weight of the soil within the pile, 𝑈𝐿 is the resulting hydrostatic force 
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acting on the pile-soil interface at the pile base and 𝑟𝑠 is a load transfer factor defined as the 

ratio between the sum of vertical forces acting on the pile (including self-weight) and the 

resulting vertical force transferred to the base of the pile. The forces 𝑊𝑝, 𝑊𝑠 and 𝑈𝐿 are 

computed as:  

 𝑊𝑝 =
𝜋

4
(𝐷2 − 𝐷𝑖

2 ) 𝐿 𝛾𝑝 

 

(59) 

 

𝑊𝑠 =
𝜋

4
 𝐷𝑖

2 𝐿 𝛾′ 

 

(60) 

 

𝑈𝐿 =
𝜋

4
(𝐷2 − 𝐷𝑖

2 ) 𝐿 𝛾𝑤 (61) 

where 𝐷𝑖 is the internal pile diameter and 𝛾′ = 𝛾sat − 𝛾𝑤 is the effective unit weight of the 

soil within the pile.  

The load transfer factor 𝑟𝑠 was estimated based on the FE simulations results. To do so, the 

average effective vertical stress 𝜎33ave acting on the soil elements below the pile and the soil 

within the pile was obtained. This term could be understood as the resulting vertical force 

acting at the pile base 𝑊𝑡 divided by the cross-sectional area 𝐴 =  𝜋 𝐷2/4. This is expressed 

by the following equation: 

𝜎33𝑎𝑣𝑒 =
𝑊𝑡

𝐴
=
(𝑄 + 𝑊𝑝  −  𝑈𝐿  )𝑟𝑠  +  𝑊𝑠

𝜋 𝐷2/4
  (62) 

Substitutions of Equation 59 in Equation 62 and rearrangement of the latter gives the 

following equation for the load transfer factor 𝑟𝑠: 

𝑟𝑠 =
(𝜎33ave − 𝛾

′𝐿 𝐷𝑖
2/𝐷2)𝜋 𝐷2/4

𝑄 +𝑊𝑝 − 𝑈𝐿
 (63) 

The values of  𝜎33ave were computed following a similar methodology as the one adopted in 

Section 4.3.4. First, a coupled Abaqus/Python script was written to extract the vertical 

stresses at the base of the pile. For this, the total vertical stresses (in this case, values of S33) 

were extracted at the centroid of half of the finite elements located below the pile and the soil 

within the pile, taking advantage of the symmetry of the problem. This was done for the 27 

simulations from the second set of FE simulations. A file was obtained for each considered 

element, from each of the simulations, containing the vertical stresses extracted from the 

element, denoted as 𝑆33𝐸𝐿. Afterwards, a Matlab code was used to process the data. First, 

the individual vertical forces acting on each of the considered finite elements, denoted as 

𝐹33𝐸𝐿, were computed as:  

𝐹33𝐸𝐿 = (𝑆33𝐸𝐿 − 𝑈𝑧=𝐿) 𝐴𝐸𝐿 (64) 
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where 𝑈𝑧=𝐿 is the pore water pressure at a depth of 𝑧 = 𝐿 and 𝐴𝐸𝐿 is the area of the face of 

the finite element located at the contact surface. Then, the values of  𝜎33ave were obtained 

as:  

𝜎33ave =
2 ∑ 𝐹33𝐸𝐿
𝜋 𝐷2/4

 (65) 

Finally, the load transfer factor 𝑟𝑠 was evaluated following Equation 63. The results are 

shown in Fig. 37 for the time interval 𝑡 = [1 − 3.5] s. Fig. 37.a shows the computed values 

of  𝜎33ave and Fig. 37.b presents the computed values of 𝑟𝑠. The results show that a factor 𝑟𝑠 

could be assumed constant among the different pile geometries studied (  = {5 − 7} m,   = 

{20 − 30} m) with a value of 𝑟𝑠 ≈ 0.3.  

 

Fig. 37 Computed average vertical effective stress 𝜎33ave and load transfer factor 𝑟𝑠 FE 

simulations results.  

5.2.5. Cyclic loading factor 

A cyclic loading factor 𝑓𝐴 is proposed in this work to account for the effect of long-term 

cyclic loading on the monopile displacement, see Equation (53). To propose a relationship 

for 𝑓𝐴, a simplification of the complex offshore environmental loading conditions is adopted. 

As commonly done, the cyclic loading is simplified as representative load parcels with a 

constant amplitude and an average value. This is schematized in Fig. 38, where 𝑀ave and 

𝐻ave are the average values for the moment and lateral loading and 𝑀amp and 𝐻amp are their 

corresponding amplitudes. As also shown in Fig. 38, for the adopted convention, 𝑁 = 1 

means monotonic loading while 𝑁 > 1 means cyclic loading. 
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Fig. 38 Sketch of average values and amplitudes of the moment 𝑀 and horizontal force 𝐻.  

In this work, a Soil Resistance Degradation (SRD) approach was adopted. To do so, factor 

𝑓𝐴 is included on the formulation of the 𝑝-𝑦 curve for cyclic loading to reduce the soil 

resistance 𝑝 as the number of loading cycles 𝑁 increases. This allows to simulate a 

degradation of the 𝑝-𝑦 stiffness due to cyclic loading, by means of which the accumulated 

response is obtained. For monotonic loading, factor 𝑓𝐴 is set to 𝑓𝐴 = 1. Therefore, factor 𝑓𝐴 

is bounded between 0 and 1, where 𝑓𝐴 = 1 indicates no accumulation of displacements 

(monotonic loading) and 𝑓𝐴 = 0 indicates the maximum degradation state caused by cyclic 

loading. 

Factor 𝑓𝐴 is introduced in order to account for the effects of the different variables that 

influence the accumulation of displacements of monopiles under cyclic loading. For this, a 

useful theoretical framework is the conclusions by Wichtmann (Wichtmann, 2005), which 

indicate that the accumulated strains of a soil under cyclic loading depend on the number of 

cycles 𝑁, the stress/strain amplitude, density, stress ratio 𝜂 = 𝑞/𝜎, where 𝑞 and 𝜎 are the 

deviator and mean effective stress respectively, load polarization and others. The proposed 

relationship for 𝑓𝐴 intended to incorporate some of those effects while still keeping some 

level of simplicity for the model. To do so, six principal variables affecting the accumulation 

response of monopiles were selected to be included in the 𝑓𝐴 equation, namely i) the number 

of loading cycles 𝑁, ii) the average moment 𝑀ave and moment amplitude 𝑀amp, to account 

for the effects of the stress/strain amplitude, iii) the soil relative density 𝐷𝑟, to account for 

density effects, iv) the ultimate soil resistance ratio (𝜉 ≈  𝑝/𝑝𝑢), to account for the effects of 

the stress ratio, and v) the depth 𝑧, to account for the effects of confinement.  

A general mathematical expression is proposed to satisfy the established constraints for 𝑓𝐴 

(𝑓𝐴 ∈ [0, 1]) and to consider the variables of interest. An expression of the type  𝑓(𝑥) = 1 −

𝑒−𝑥 is suitable for this purpose considering that the negative exponential function 𝑓(𝑥) =

𝑒−𝑥 takes values between 1 and 0  in the positive range of 𝑥. Considering this, the proposed 

general expression for 𝑓𝐴 reads: 

t

 , H 

  
ave

, H  
ave

  
amp

, H  
amp
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𝑓
𝐴 
= 1− exp [−

𝑐𝑁 𝑓𝑧 𝑓𝑀
𝑓
𝐷𝑟
 𝑓
𝜉
 
]  𝑓𝑁 (66) 

Where 𝑓𝑧, 𝑓𝑀, 𝑓𝐷𝑟, 𝑓𝜉  and 𝑓𝑁 are functions of the considered variables of interest and 𝑐𝑁 is a 

model parameter. Function 𝑓𝑧 accounts for the effects of confinement by means of a 

normalized depth, as: 

𝑓
𝑧
= (

𝑧

𝐷
) (67) 

Note that for increasing depths, function 𝑓𝑧 gives larger values which translates into a larger 

𝑓𝐴 factor and less accumulation of displacements at these depths.  

Function 𝑓𝑀 incorporates the ratio between the average moment 𝑀ave and the moment 

amplitude 𝑀amp as: 

𝑓𝑀 = (
𝑀ave

𝑀amp
)

𝑛𝑀

 (68) 

where 𝑛𝑀 is a model parameter. Note that for a given average moment, function 𝑓𝑀 gives 

smaller values for increasing moment amplitudes, which translates into a smaller 𝑓𝐴 factor 

and larger accumulation of displacements for larger moment amplitudes.  

Function 𝑓𝐷𝑟 is proposed as a density dependent function as: 

𝑓𝐷𝑟 = (1.15 − 𝐷𝑟)
𝑛𝐷𝑟  (69) 

where 𝑛𝐷𝑟 is a model parameter and 𝐷𝑟 is the soil’s relative density. Following the proposed 

expression, greater soil densities result in smaller values of 𝑓𝐷𝑟  which translates into a larger 

𝑓𝐴 factor and less accumulation of displacements for these densities.  Note that even for very 

dense soils with 𝐷𝑟 ≈ 1.00, there is still an accumulation of displacements due to cyclic 

loading, as previously shown in the field tests by (W. Li et al., 2015).   

Function 𝑓𝜉  addresses the effects of the stress ratio 𝜂 = 𝑞/𝜎 by incorporating a similar 

ultimate soil resistance ratio (𝜉 ≈  𝑝/𝑝𝑢) as:  

𝑓
𝜉
= (1 + 𝛼𝑝𝜉)

𝑛𝜉
 (70) 

where 𝜉 = tanh[𝑐𝑝 |�̅�|
𝑛𝑦  𝐷𝑛𝐷𝐿𝑛𝐿] is the ultimate soil resistance ratio (≈  𝑝/𝑝𝑢) assuming 

monotonic loading conditions, see Equation (53), and 𝛼𝑝 and 𝑛𝜉  are model parameters. 

Following the proposed expression, larger accumulation of displacements is expected for 

greater values of the ultimate soil resistance ratio. 
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Finally, function 𝑓𝑁 accounts for a logarithmic trend of the relation between the 

displacements accumulation and the loading cycles 𝑁. The proposed function reads: 

𝑓𝑁 = [
log𝑁

log �̂�
]

𝑛𝑁

 (71) 

where �̂�  is the number of cycles needed to reach the maximum degradation state 𝑓𝐴 = 0 at 

the groundline. For monotonic loading (𝑁 = 1), function 𝑓𝑁 = 0 which results in factor 𝑓𝐴 =

1 and no accumulation of pile displacements. For increasing values of 𝑁 until reaching the 

maximum value �̂�, function 𝑓𝑁 increases from 0 to 1, resulting in a continuous increase of 

the accumulation of displacements with 𝑁. 

Taking into consideration the above mentioned functions, the following equation is proposed 

for 𝑓𝐴:   

𝑓𝐴 =

{
 
 

 
 

1    , monotonic loading               

1 − exp [
−𝑐𝑁(𝑧/𝐷)(𝑀ave/𝑀amp)

𝑛𝑀

𝑓𝐷𝑟(1 + 𝛼𝑝𝜉)
𝑛𝜉  

] [
log𝑁

log �̂�
]

𝑛𝑁

, cyclic loading with 𝑁 ≤ �̂�

0 , cyclic loading with  𝑁 > �̂�

 (72) 

where the set {𝑐𝑁, 𝛼𝑝, 𝑛𝑁 , 𝑛𝑀 , 𝑛𝜉 , �̂�} are proposed parameters which ought to be adjusted. 

Fig. 39 presents the proposed cyclic factor for a 6-m diameter monopile embedded in fine 

sand (parameters in Table 3), assuming 𝑀ave = 30 MPa, 𝑀amp = 10 MPa, 𝐷𝑟 = 60%,and 

𝑦 = 0, i.e., 𝜉 = 0.  

 

Fig. 39 Proposed cyclic loading factor. For this example, 𝐷𝑟 = 60% and 𝑀ave/𝑀amp = 3. 
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5.3. Calibration and evaluation of the 𝒑-𝒚 model 

5.3.1. Methodology 

The required parameters are divided into the following groups: for static analysis 

{𝑐𝑝, 𝑐𝑠, 𝑛𝑦, 𝑛𝐷 , 𝑛𝐿 , 𝑦0, 𝑟𝑠, 𝜑𝑐, 𝑒𝑑0, 𝑒𝑐0, 𝑒𝑖0, 𝐷𝑟 , 𝛽, 𝑛𝐵} and for long-term cyclic loading 

conditions {𝑐𝑁, 𝛼𝑝, 𝑛𝑁 , 𝑛𝑀 , 𝑛𝐷𝑟 , 𝑛𝜉 , �̂�}. From the group for static analysis, the set of 

parameters {𝜑𝑐, 𝑒𝑑0, 𝑒𝑐0, 𝑒𝑖0, 𝐷𝑟 , 𝛽, 𝑛𝐵} depend on the particular site conditions and can be 

found in Table 3 for the considered sands in this work. The rest of parameters, which are the 

set {𝑐𝑝, 𝑐𝑠, 𝑛𝑦, 𝑛𝐷 , 𝑛𝐿 , 𝑦0, 𝑟𝑠} for static analysis and the set {𝑐𝑁, 𝛼𝑝, 𝑛𝑁 , 𝑛𝑀 , 𝑛𝐷𝑟 , 𝑛𝜉 , �̂�} for 

cyclic loading conditions are proposed as fixed values or functions which are calibrated to 

provide the best accuracy within the range of studied pile geometries and soils. The set of 

“fixed” parameters were calibrated using the results from the conducted FE simulations (See 

Section 4.3), as well as the results from some works in the literature. Systematic variations 

of each of these parameter were performed to obtain an accurate response as shown below. 

5.3.2. Base shear reaction 

Two parameters are used on the proposed relationship for the base shear reaction 𝑆𝐵 

(Equations (56)-(58)), namely parameters 𝑟𝑠 and 𝑐𝑠. As shown in Section 5.2.4, based on 

numerical measurements from the conducted FE simulations, it was found that an appropriate 

value for the load transfer factor 𝑟𝑠 was 𝑟𝑠 = 0.3. On the other hand, measurements of the 

base shear reaction (see Section 4.3.4) from the conducted FE simulations were used to 

calibrate parameter 𝑐𝑠 using the proposed equation from Equation (56). To do so, the peak 

friction angle at the base 𝜑𝐵 was computed by equaling Equations (38) and (51), and 

assuming 𝜎′ = 𝜎𝑧′
′ , as:  

𝜑𝐵 = 2arctan [((
𝑒𝑖0
𝑒0
)
𝛽 1 + 𝑒0
1 + 𝑒𝑖0

 𝐾𝑝0
2 )

1/4

] − 90° (73) 

Evaluating different values for 𝑐𝑠, it was found that a value of 𝑐𝑠 = 19 provided an accurate 

estimation of 𝑆𝐵, as shown in Fig. 40.  
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Fig. 40 Base shear reaction predicted by the proposed model and compared to FE 

simulations. Pile length 𝐿 = {20; 25;  30} m, pile diameter 𝐷 = {5;  6;  7} m and relative 

density 𝐷𝑟 = 60%. Karlsruhe fine sand parameters from (Westermann et al., 2014a), see 

Table 3. 

5.3.3. Static analysis  

The deflection curves and load-displacement curves obtained from the FE simulations results 

(see Section 4.3), were used to calibrate parameters {𝑐𝑝, 𝑛𝑦 , 𝑛𝐷 , 𝑛𝐿} for the considered range 

of studied pile geometries and soils. Systematic variations of each of the parameters were 

performed to optimize the model performance. Satisfactory results were obtained when 

setting parameters {𝑛𝑦 , 𝑛𝐷 , 𝑛𝐿} as {0.68, −0.35, −0.60}, and incorporating the influence of 

the soil material by setting parameter 𝑐𝑝 as a function of 𝛽 through the equation 𝑐𝑝 =

22.4/𝛽1.2. Parameter 𝑦0 was set to a very small value of 𝑦0 = 8 × 10−7 to provide good 

estimations of 𝐸𝑝𝑦0, as explained later.  

Simulations were conducted with the proposed model for the cases considered on the FE 

simulations in Section 4.3. Parameters {𝜑𝑐, 𝑒𝑑0, 𝑒𝑐0, 𝑒𝑖0, 𝐷𝑟 , 𝛽, 𝑛𝐵} used in the proposed 

model were defined according to Table 3. The deflection curves obtained from the first set 

of FE simulations results are compared to the ones predicted by the proposed model in Fig. 

41 to Fig. 43. The load deflection curves from the second and third set of FE simulations are 

compared to the ones predicted by the proposed model in Fig. 44 and Fig. 45 respectively. In 

all cases, the simulations with the proposed model show a satisfactory agreement with the 

FE simulations results. 
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Fig. 41 Pile deflection curves under static loading predicted by the proposed model and 

compared to FE simulations. Pile length 𝐿 = 20 m, pile diameter 𝐷 = {5;  6;  7} m and 

relative densities 𝐷𝑟 = {40%;  60%;  80%}. Karlsruhe fine sand parameters from 

(Westermann et al., 2014a)Fig. 40, see Table 3. 
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Fig. 42 Pile deflection curves under static loading predicted by the proposed model and 

compared to FE simulations. Pile length 𝐿 = 25 m, pile diameter 𝐷 = {5;  6;  7} m and 

relative densities 𝐷𝑟 = {40%;  60%;  80%}. Karlsruhe fine sand parameters from 

(Westermann et al., 2014a), see Table 3. 
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Fig. 43 Pile deflection curves under static loading predicted by the proposed model and 

compared to FE simulations. Pile length 𝐿 = 30 m, pile diameter 𝐷 = {5;  6;  7} m and 

relative densities 𝐷𝑟 = {40%;  60%;  80%}. Karlsruhe fine sand parameters from 

(Westermann et al., 2014a), see Table 3. 
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Fig. 44 Load-deflection curves under static loading at ground level predicted by the 

proposed model and compared to FE simulations. Pile length 𝐿 = {20; 25;  30} m, pile 

diameter 𝐷 = {5;  6;  7} m and relative densities 𝐷𝑟 = {40%;  60%;  80%}. Karlsruhe fine 

sand parameters from (Westermann et al., 2014a), see Table 3. 
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Fig. 45 Load-deflection curves under static loading at ground level for different sands 

predicted by the proposed model and compared to FE simulations. Pile length 𝐿 = 25 m, 

pile diameter 𝐷 = 6 m and relative density 𝐷𝑟 = 60%. See Table 3 for material 

parameters. 

Setting parameter 𝑦0 = 8 × 10
−7 provides estimations of the initial subgrade reaction 

modulus 𝐸𝑝𝑦0 in the range of proposed relationships in the literature as the one by Kallehave 

et al. (D. Kallehave et al., 2012). The latter has been proven as a suitable relationship for 

large diameter monopiles (Martin Achmus et al., 2019). This is shown in Fig. 46, where the 

resulting 𝐸𝑝𝑦0 from Equation (55) is compared with the one by Kallehave et al. (D. Kallehave 

et al., 2012) and API (API, 2014a). For this example, parameters of the Karlsruhe fine sand 

were adopted considering a relative density of 𝐷𝑟 = 60%, see Section 4.2.2, and two pile 

diameters were considered, namely 𝐷 = {1; 6} m. The results indicate that, unlike the API 

equation, the proposed equation presents a non-linear distribution among depth as the one by 

Kallehave (D. Kallehave et al., 2012). A dependency on the pile diameter is also shown in 

Fig. 46. The proposed equation and the one by Kallehave (D. Kallehave et al., 2012) show 

different values depending on the pile diameter, which is not the case with the equation by 

API. Following Equation (55), the proposed 𝐸𝑝𝑦0 depends on the pile diameter due to factor 

𝐷(𝑛𝐷+1) = 𝐷0.65. The term sech2[𝑐𝑝𝑦0
𝑛𝑦  𝐷𝑛𝐷𝐿𝑛𝐿] includes also D. However, this term is 

approximately one due to 𝑦0 ≈ 0. This factor can be compared to the relationships reported 

by Kallehave et al. (D. Kallehave et al., 2012) or Sørensen et al. (Sørensen et al., 2010), 

whereby 𝐸𝑝𝑦0 ∼ 𝐷
0.5 .  
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Fig. 46 Proposed initial subgrade reaction modulus 𝐸𝑝𝑦0 against the proposed relationships 

by (API, 2014a) and  (D. Kallehave et al., 2012). 

5.3.4. Cyclic behavior 

The set of parameters for long-term cyclic lateral loading conditions {𝑐𝑁, 𝛼𝑝, 𝑛𝑁 , 𝑛𝑀 ,

𝑛𝐷𝑟 , 𝑛𝜉 , �̂�} was defined as follows. The number of loading cycles needed to reach the 

maximum degradation state �̂� was set as �̂� = 105 following the conclusions from (Dührkop, 

2009). Considering that simulation of long-term cyclic loading conditions was outside of the 

scope of this study, the set of parameters {𝑐𝑁 , 𝛼𝑝, 𝑛𝑁 , 𝑛𝑀 , 𝑛𝐷𝑟 , 𝑛𝜉} was calibrated using the 

results from different FE problems found in the literature, namely (Wichtmann et al., 2008), 

(Westermann et al., 2014b) and (Staubach & Wichtmann, 2020). The selected studies 

performed FE simulations of monopiles subjected to long-term loading conditions with a 

large number of cycles and considered variations of the moment amplitude 𝑀amp, average 

moment 𝑀ave and relative density 𝐷𝑟. To simulate the long-term response of the soil, the 

High Cycle Accumulation (HCA) model (Niemunis et al., 2005) was employed by the 

mentioned studies, as well as a careful calibration of the HCA model with a set of cyclic 

triaxial tests results (Wichtmann, 2005).  

Simulations with the proposed model were conducted and compared to the FE simulations 

results from the mentioned studies while considering variations of parameters 

{𝑐𝑁 , 𝛼𝑝, 𝑛𝑁 , 𝑛𝑀, 𝑛𝐷𝑟 , 𝑛𝜉}. To do so, the set of model parameters for static loading 

{𝑐𝑝, 𝑛𝑦, 𝑛𝐷 , 𝑛𝐿 , 𝑦0} was set as defined above and parameters {𝜑𝑐, 𝑒𝑑0, 𝑒𝑐0, 𝑒𝑖0, 𝐷𝑟 , 𝛽, 𝑛𝐵} used 

in the proposed model were directly taken from the mentioned studies. Note that the HCA 

model selected for the FE simulations in (Wichtmann et al., 2008), (Westermann et al., 

2014b) and (Staubach & Wichtmann, 2020) incorporates the IS-Hypoplastic model and 
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therefore parameters {𝜑𝑐, 𝑒𝑑0, 𝑒𝑐0, 𝑒𝑖0, 𝐷𝑟 , 𝛽, 𝑛𝐵} are given. After the calibration process, the 

set of model parameters for cyclic loading was set as {𝑐𝑁 , 𝛼𝑝, 𝑛𝑁 , 𝑛𝑀, 𝑛𝐷𝑟 , 𝑛𝜉 , �̂�} = 

{0.33, 23, 0.24, 0.88, 0.40, 0.68} with satisfactory results. The description of each of the 

mentioned studies and comparison with the proposed model are given below.  

Wichtmann et al. (Wichtmann et al., 2008) conducted FE calculations of a monopile with a 

diameter of 𝐷 = 5.09 m and an embedment length of 𝐿 = 29.65 m embedded in a fine sand. 

The deflection curves of the monopile due to different cyclic loading conditions were 

evaluated. Fig. 47 and Fig. 48 show the reported FE simulations results considered in this 

study. Fig. 47 shows the deflection curves for several values of 𝑁 and Fig. 48 shows the 

groundline displacements against values of 𝑁. As shown, different average moments 𝑀ave =

{20;  30;  40} MN⋅m, moment amplitudes 𝑀amp = {10;  15;  20} MN⋅m and number of 

loading cycles up to 𝑁 = 106 were analyzed. The material constants for the fine sand are 

found in (Wichtmann, 2005), under the name of ’C S sand (OV)’. The pile wall thickness 

and Young’s modulus of the pile material were reported as 𝑡𝑝 = 0.045 m and 𝐸 = 210 GPa. 

A single load eccentricity was considered by keeping the ratio 𝐻/𝑀 as 𝐻/𝑀 = 0.027  1/m 

for all simulations. Additionally, a vertical load 𝑄 = 9247 kN was applied at the top of the 

monopile.  

For the proposed model, the set of parameters {𝜑𝑐, 𝑒𝑑0, 𝑒𝑐0, 𝑒𝑖0, 𝛽, 𝑛𝐵} for the ’C S sand 

(OV)’ were set as {32.8, 0.575, 0.908, 1.044, 1.6, 0.30} according to (Wichtmann, 2005). 

The relative density 𝐷𝑟 increased linearly with depth from 50% at the groundline to 90% at 

𝑧 = 30 m according to (Wichtmann et al., 2008) (see Fig. 47.f). The effective unit weight of 

the soil was evaluated at a depth of 𝑧 = 𝐿/2 and gave 𝛾′ = 9.9 kN/m3. The predictions of the 

proposed model are shown along the reported FE simulations results in Fig. 47 and Fig. 48. 

The performance of the proposed model is satisfactory. The dependence on the average 

moments and moment amplitudes could be addressed by the proposed 𝑓𝐴 equation (Equation 

(72)). However, the accumulation of displacements for a number of loading cycles greater 

than 𝑁 > 105 was not captured by the proposed model. The FE simulations results show an 

acceleration of the displacements accumulation after such number of load cycles. In contrast, 

the proposed model was developed to display a decreasing rate of displacement accumulation 

as the number of loading cycles increases. 

Westermann et al. (Westermann et al., 2014a) conducted FE calculations of a monopile with 

a diameter of 𝐷 = 5 m, an embedment length of 𝐿 = 30 m under cyclic loading with 𝑁 =

105. The monopile was embedded in a fine sand. The reported numerical results considered 

on this study are shown in Fig. 49. Different average moments 𝑀ave = {10; 20;  30;  50} 

MN⋅m, moment amplitudes 𝑀amp = {10; 20; 30} MN⋅m and loading eccentricities ℎ =

{20; 40} m were evaluated. The material constants for the fine sand are found in 

(Westermann et al., 2014a). The pile wall thickness and Young’s modulus of the pile material 
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were reported as 𝐸 = 210 GPa and 𝑡𝑝 = 0.06 m respectively. A vertical load was applied at 

the top of the monopile representing the weight of the OWT. A value of 𝑄 = 8680 kN was 

assumed as representative of the weight of the OWT, as used in Section 4.2.5. Simulations 

with the proposed model were performed with {𝜑𝑐, 𝑒𝑑0, 𝑒𝑐0, 𝑒𝑖0, 𝛽, 𝑛𝐵}  =

{33.1°, 0.677, 1.054, 1.212, 2.5, 0.27} and 𝛾′ = 9.03 kN/m3 as reported by (Westermann et 

al., 2014a). The results are compared to the reported FE simulations results in Fig. 49, where 

a satisfactory agreement is observed. The dependence on the average moments, moment 

amplitudes and load eccentricities could be simulated by the proposed model. 

 

Fig. 47 Long-term pile deflection curves under cyclic loading for different number of 

loading cycles 𝑁 predicted by the proposed model and compared to FE simulations by 

(Wichtmann et al., 2008). Pile length 𝐿 = 29.65 m, pile diameter 𝐷 = 5.09 m and relative 

density linearly variable with depth. 
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Fig. 48 Pile deflection at ground level against number of loading cycles 𝑁 predicted by the 

proposed model and compared to FE simulations by (Wichtmann et al., 2008). Pile length 

𝐿 = 29.65 m, pile diameter 𝐷 = 5.09 m and relative density linearly variable with depth. 
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Fig. 49 Pile deflection curves under cyclic loading for a number of loading cycles of 𝑁 =
105 predicted by the proposed model and compared to FE simulations by (Westermann et 

al., 2014b). Pile length 𝐿 = 30 m, pile diameter 𝐷 = 5 m and relative density 𝐷𝑟 = 60%. 

Staubach and Wichtmann (Staubach & Wichtmann, 2020) evaluated the influence of 

different packages of load cycles on the pile response. For this, simulations of a steel 

monopile with 𝐷 = 5 m and 𝐿 = 30 m subjected to three different loading histories (see Fig. 

51.a) with multi-amplitude cyclic loading were reported. In this case, multi-amplitude cyclic 

loading consists of the application of successive packages of load cycles with a constant load 

amplitude within each package. The monopile was embedded in a fine sand with a relative 

density of 𝐷𝑟 = 60%. The pile wall thickness was 𝑡𝑝 = 0.08 m.  

Four load packages were considered in this study. Each load package has a constant moment 

amplitude 𝑀amp = {40; 50; 60; 30} MN·m. All load packages had the same average moment 

𝑀ave = 30 MN·m, number of load cycles 𝑁 = 25000 and height of the load application 

point above the groundline ℎ = 30 m. Three different loading histories were evaluated by 

arranging the mentioned packages in different sequences, as shown in Fig. 51.a. In the first 

loading history, the moment amplitudes were arranged as 𝑀amp = {30; 40; 50; 60} MN⋅m. 

In the second loading history, the sequence was set as 𝑀amp = {40; 50; 60; 30} MN·m. 

Finally, in the third loading history, the sequence 𝑀amp = {60; 50; 40; 30} MN·m was 

considered. A vertical load 𝑄 was applied at the top of the monopile to account for the weight 

of the OWT. As previously done, the load was assumed as 𝑄 = 8680 kN, which is a 

representative value of the weight of the OWT. 
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To simulate multi-amplitude cyclic loading using the proposed model, the  iner’s rule 

approach was adopted (LeBlanc, Byrne, et al., 2010; W. Li et al., 2015; Miner & others, 

1945). According to this method, the pile displacement (or rotation) after a sequence of load 

packages with different amplitude is independent of the loading sequence. Therefore, the pile 

accumulated displacement due to a first load package 𝐴 with 𝑁𝐴 cycles can be represented 

by 𝑁𝐵.𝑒𝑞.𝐴 cycles of a subsequent load package 𝐵. Thus, the pile displacement after the load 

packages 𝐴 and 𝐵, with 𝑁𝐴 and 𝑁𝐵 cycles respectively, can be calculated as the one resulting 

from the load package 𝐵 with 𝑁𝐴,𝐵 = 𝑁𝐵.𝑒𝑞.𝐴 + 𝑁𝐵 cycles. This is illustrated in Fig. 50. 

Accordingly, the following procedure was followed for the application of the proposed 

model. Initially, the first load package 𝐴 with 𝑁𝐴 cycles is evaluated and the corresponding 

pile displacement 𝑦𝐴(𝑁𝐴) at ground level is obtained. Then, an equivalent number of load 

cycles 𝑁𝐵.𝑒𝑞.𝐴 with the amplitude of the second load package 𝐵 resulting in the same pile 

displacements 𝑦𝐴(𝑁𝐴) needs to be determined. Therefore, the relationship 𝑦𝐴(𝑁𝐴) = 𝑦𝐵(𝑁𝐵.𝑒𝑞.𝐴) 

must be fulfilled. Finally, the cumulative pile displacements 𝑦|𝐴(𝑁𝐴)+𝐵(𝑁𝐵) caused by both 

load packages is computed as the pile displacements caused by a single load package with 

amplitude 𝐵 and a number of load cycles equal to 𝑁𝐵.𝑒𝑞.𝐴 + 𝑁𝐵. 

 

Fig. 50 Sketch of the superposition method following the  iner’s rule for pile 

displacements after multi-amplitude cyclic loading. 

Simulations were performed with the proposed model employing the Miner’s rule based 

superposition method and setting parameters {𝜑𝑐, 𝑒𝑑0, 𝑒𝑐0, 𝑒𝑖0, 𝛽, 𝑛𝐵} = {33.1°, 0.677, 1.054,

1.212, 2.5, 0.27} and 𝐷𝑟 = 60% reported by (Staubach & Wichtmann, 2020). The effective 

unit weight was assumed as 𝛾′ = 9.6 kN/m3 in accordance with the reported distribution of 

horizontal effective stress in (Staubach & Wichtmann, 2020). The results are shown in Fig. 

51.b. The predicted deflection curves are in agreement with the numerical results. The 

 iner’s rule approach was satisfactorily applied with the proposed model to account for 

multi-amplitude cyclic horizontal loading. 
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Fig. 51 Evaluation of multi-amplitude cyclic loading. Pile deflection at ground level against 

number of loading cycles 𝑁 predicted by the proposed model and compared to FE 

simulations by (Staubach & Wichtmann, 2020). Pile length 𝐿 = 30 m, pile diameter 𝐷 = 5 

m. 

5.4. Evaluation of model performance with field and centrifuge tests 

The performance of the proposed model is evaluated by comparison with the results from a 

centrifuge test performed by (Choo & Kim, 2016) and two field tests reported by (W. Li et 

al., 2017) and (W. Li et al., 2015). 

5.4.1. Simulation of a Centrifuge test 

Choo and Kim (Choo & Kim, 2016) performed a series of centrifuge tests to simulate large 

diameter steel monopiles embedded in dense sands. The tests were conducted at the 

centrifuge facility from the Korea Advanced Institute of Science and Technology (KAIST), 

which operates a geotechnical beam centrifuge with a platform radius of 5 m, a maximum 

capacity of 240𝑔-tons and a maximum centrifugal acceleration of 130𝑔 (D.-S. Kim et al., 

2013). The platform dimensions of the centrifuge are 1.2 m × 1.2 m × 1.2 m. Fig. 52 presents 

the geotechnical centrifuge at KAIST as reported by (D.-S. Kim et al., 2013).  

According to (Choo & Kim, 2016), four different tests (M1 to M4) were performed with the 

aim to evaluate the effect of different pile flexural rigidities, length to diameter ratios and a 

rock bearing layer at the tip of a monopile (see Fig. 53). The tests were conducted at 

centrifugal accelerations of 60𝑔 and 75𝑔, and were set up in a cylindrical container made of 

steel. The internal dimensions of the container in model scale were 0.9 m in diameter and 0.7 

m in height.  
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Fig. 52 Geotechnical centrifuge at the Korea Advanced Institute of Science and Technology 

(KAIST). Taken from (D.-S. Kim et al., 2013). 

In all cases, model piles were subjected to a horizontal loading applied at a distance ℎ above 

the ground surface. The loading was applied using a linear actuator (see Fig. 54). The pile 

deflection curves were measured by specialized instrumentation and reported at different 

stages of the horizontal load. The specialized instrumentation included strain gauges along 

the piles that allowed to measure the distribution of moments at different depths and stages 

of loading. The distributions of lateral displacements (deflection curves) were calculated 

from the bending moment distributions. For the present analysis, test M1 was selected to be 

simulated with the proposed model. 

Test M1 was performed at a centrifugal acceleration of 75𝑔 and considered a model pile 

made of copper with a unit weight of 𝛾𝑐𝑜 = 87.6 kN/m3 and a Young modulus of 𝐸𝑐𝑜 = 117 

GPa. A single layer of dense sand was constructed for this test (see Fig. 53). The diameter, 

wall thickness and embedment length of the model pile were 𝐷𝑚,𝑐𝑜 = 79.4 mm, 𝑡𝑚,𝑐𝑜 = 1.2 

mm and 𝐿𝑚,𝑐𝑜 = 413.3 mm respectively. Considering a scale ratio of 1:75, the latter 

correspond to a prototype pile made of copper with 𝐷𝑝,𝑐𝑜 = 6.0 m, 𝑡𝑝,𝑐𝑜 = 0.09 m and 

𝐿𝑝,𝑐𝑜 = 31 m. The moment of inertia for the prototype pile made of copper is obtained as: 

𝐼𝑝,𝑐𝑜  =
𝜋

4
[(
𝐷𝑝,𝑐𝑜

2
)
4

− (
𝐷𝑝,𝑐𝑜 − 2 𝑡𝑝,𝑐𝑜

2
)
4

] (74) 

which gives 𝐼𝑝,𝑐𝑜 = 7.13 m4. Thus, the flexural rigidity for the prototype pile made of copper 

is obtained as 𝐸𝑐𝑜 𝐼𝑝,𝑐𝑜 =  8.34 × 10
8 kN⋅m2. If the prototype pile is considered as made of 

steel with a diameter of 𝐷𝑝,𝑠𝑡 = 6.0 m, its equivalent thickness 𝑡𝑝,𝑠𝑡 can be obtained using 

the relationship:  
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𝐸𝑐𝑜 𝐼𝑝,𝑐𝑜 = 𝐸𝑠𝑡  𝐼𝑝,𝑠𝑡 = 𝐸𝑠𝑡  
𝜋

4
[(
𝐷𝑝,𝑠𝑡
2
)
4

− (
𝐷𝑝,𝑠𝑡 − 2 𝑡𝑝,𝑠𝑡

2
)
4

] (75) 

where 𝐸𝑠𝑡 is the Young modulus of the steel and 𝐼𝑝,𝑠𝑡 is the moment of inertia for the 

prototype pile made of steel. Considering 𝐸𝑠𝑡 = 199 GPa, an equivalent thickness of 𝑡𝑝,𝑠𝑡 =

0.052 m for the prototype pile made of steel is obtained. To apply the proposed model, the 

geometric and material properties of the prototype pile made of copper were considered.   

 

 

Fig. 53 Arrangement of centrifuge tests conducted at the Korea Advanced Institute of 

Science and Technology (KAIST): Tests (a) M1; (b) M2; (c) M3; (d) M4. Units are 

in prototype scale. Taken from (Choo & Kim, 2016). 
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Fig. 54 Assembly of centrifuge tests conducted at the Korea Advanced Institute of Science 

and Technology (KAIST). Taken from (Choo & Kim, 2016). 

The pile was embedded in a dense silica sand with 𝐷𝑟 = 86%. The sand was artificially 

created from quartzite which was crushed with a hammer crusher. Initially, the sand was 

pluviated with a sand-raining device into the centrifuge container to form a bearing base 

layer, in which the base of the monopile was jacked. Then, the sand was pluviated around 

the pile until the desired embedded pile length was reached. Finally, the model was 

submerged in water. Considering the preparation method adopted for the sand layers, pile 

installation effects are not expected to play a significant role on the pile response. This is 

because the sample preparation is the one of a non-displacement pile. Some index properties 

of the sand, as the specific gravity, maximum and minimum dry densities, main grain size 

and coefficient of uniformity were reported as 𝐺𝑠 = 2.63, 𝛾𝑑,max = 16.09 kN/m3, 𝛾𝑑,min =

12.16 kN/m3, 𝐷50 = 0.237 mm and 𝑐𝑢 = 1.60 respectively. The effective unit weight of the 

soil was evaluated at 𝑧 = 𝐿/2 and gave 𝛾′ = 9.9 kN/m3.  

To apply the proposed model, the set of parameters {𝜑𝑐, 𝑒𝑑0, 𝑒𝑐0, 𝑒𝑖0, 𝐷𝑟 , 𝛽, 𝑛𝐵} for the silica 

sand was defined as follows: The critical state friction angle was set to 𝜑𝑐 = 36.6°. This 

value was obtained from triaxial compression tests on samples of a very similar silica sand, 

which was prepared following the same procedure and in the same laboratory facilities as by 

the centrifuge soil model in study (J. H. Kim et al., 2016). The minimum and critical void 

ratios were computed with 𝑒𝑑0 = 𝛾𝑠/𝛾𝑑,max − 1 = 0.604 and 𝑒𝑐0 = 𝛾𝑠/ 𝛾𝑑,min − 1 = 1.122, 

considering the unit weight of solids as 𝛾𝑠 = 𝐺𝑠 𝛾𝑤 = 25.8 kN/m3 and the values of 𝛾𝑑,max 

and 𝛾𝑑,min as given above. The loosest void ratio 𝑒𝑖0 can be approximated as 𝑒𝑖0 ≈ 1.2𝑒𝑐0 =

1.346. The relative density was taken as 𝐷𝑟 = 86%. To obtain parameter 𝛽, the following 

equation was found by equaling Equations (38) and (51) and assuming that 𝜎′ = 𝜎𝑧′
′ : 

𝛽 =

ln [
𝐾𝑝
2

𝐾𝑝0
2
1 + 𝑒𝑖0
1 + 𝑒0

]

ln [
𝑒𝑖0
𝑒0
]

 (76) 
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where 𝐾𝑝 = tan2(45 + 𝜑/2), 𝐾𝑝0 = tan2(45 + 𝜑𝑐/2) and 𝑒0 = 𝑒𝑐0 − 𝐷𝑟(𝑒𝑐0 − 𝑒𝑑0). A 

value of 𝛽 = 1.69 was computed from the last equation using values of 𝜑 = 45.2° and 𝐷𝑟 =

83%, which were reported by a drained triaxial compression test performed on an specimen 

of the silica sand under an initial confining pressure of 𝜎′ = 100 kPa  (Choo & Kim, 2016). 

The latter test was chosen considering that the mean effective pressure at the middle of the 

embedded pile depth was computed as 𝜎′ = 92.3 kPa. Finally, a typical value of 𝑛𝐵 = 0.30 

was adopted as by some fine sands. 

In prototype scale, a horizontal load was gradually applied to the pile at a distance of ℎ = 33 

m above the ground surface. The deflection curves predicted by the proposed model are 

compared to the experimental results in Fig. 55. The evolution of the deflection curves was 

simulated in a satisfactory manner by the proposed model, specially for the cases with 𝐻 =
{2.5; 5.0; 10} MN. For the case with 𝐻 = 15 MN, a discrepancy of about 0.02 m was 

obtained. Note that, the rotation point at z ≈ 20 m was also captured by the proposed model. 

 

 

Fig. 55 Evaluation of the performance of the proposed model against centrifuge tests results 

by (Choo & Kim, 2016). 

5.4.2. Simulation of Field tests 

Li et al. (W. Li et al., 2017) and Li et al. (W. Li et al., 2015) conducted a series of field tests 

on reduced-scale steel monopiles in a dense siliceous sand. The tests were conducted at the 

pile testing research site from the University College Dublin (UCD) at Blessington, Co. 

Wicklow. The testing program incorporated monotonic and cyclic horizontal loading. For 

this analysis, the static lateral loading test denoted as PS2 in (W. Li et al., 2017) and the 

cyclic lateral loading test denoted as PC2 in (W. Li et al., 2015) were simulated with the 

proposed model. Fig. 56 and Fig. 57 present the set-up for the field tests PS2 and PC2 

respectively, as reported by the mentioned studies. The tested piles had a diameter of 𝐷 =
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0.34 m, a total length of 𝐿𝑡𝑜𝑡 = 3 m, an embedment length of 𝐿 = 2.2 m and a pile wall 

thickness of 𝑡𝑝 =  14 mm. The Young modulus for the pile material was assumed as E = 210 

GPa. Although the dimensions are very small in comparison with real scale monopiles, 

similar length to diameter ratios were used to simulate the rigid behavior of large diameter 

monopiles. 

 

Fig. 56 Assembly of static field test PS2. Taken from  (W. Li et al., 2017). 

 

Fig. 57 Assembly of cyclic field test PC2. Taken from (W. Li et al., 2015). 

The test site at Blessington, Co. Wicklow has been extensively investigated with field and 

laboratory testing studies, as reported in (K. Gavin et al., 2014; K. G. Gavin & O’Kelly, 2007; 

Igoe et al., 2011; Tolooiyan & Gavin, 2011). The soil at the site corresponds to an uniform 

over-consolidated dense sand. The depth of the groundwater table is about 15 m below the 

groundline and the unit weight of the soil has been estimated as 𝛾 = 20 kN/m3. As concluded 

by (W. Li et al., 2017), considering the location of the groundwater table, the effects of the 

pore water pressure is expected to be negligible. The average main grain size and the 
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coefficient of uniformity were specified in (Le, 2015) as 𝐷50 = 0.13 mm and 𝑐𝑢 = 2.50 

respectively. The sand has been explored through a series of Cone Penetration Tests (CPT). 

The authors (W. Li et al., 2015, 2017) reported the maximum, averaged and minimum values 

of the cone tip resistance 𝑞𝑐. Fig. 58.a shows the reported maximum and minimum limits. As 

determined in (W. Li et al., 2017), the measured profile of  𝑞𝑐 can be fitted to the power 

function 𝑞𝑐 [MPa] =  10.9(𝑧/𝑧𝑟𝑒𝑓)
0.35

 where 𝑧𝑟𝑒𝑓 = 1 m. This is also shown in  Fig. 58.a. 

To apply the proposed model, the set of parameters {𝜑𝑐, 𝑒𝑑0, 𝑒𝑐0, 𝑒𝑖0, 𝐷𝑟 , 𝛽, 𝑛𝐵} was defined 

as follows. The critical state friction was set as 𝜑𝑐 = 37°, as reported in (W. Li et al., 2017). 

The minimum and critical state void ratios were computed from the correlations proposed by 

Duque et al. (Duque et al., 2020) with the mean particle size (𝐷50) as 𝑒𝑑0 =

0.4291 𝐷50
−0.189 = 0.631 and 𝑒𝑐0 = 0.6729 𝐷50

−0.166 = 0.944. Note that similar values of 

𝑒𝑑0 = 0.57 and 𝑒𝑐0 = 0.91 were experimentally obtained in (Doherty et al., 2020) for a 

Blessington silica sand in other location. The loosest void ratio 𝑒𝑖0 was approximated as 𝑒𝑖0 ≈

1.2𝑒𝑐0 = 1.133. The relative density profile 𝐷𝑟 was obtained from the CPT results following 

the correlation 𝐷𝑟 =  0.268 ln(𝑞𝑡1) − 𝑏𝑥 with 𝑞𝑡1 = (𝑞𝑐/𝑝𝑎)/(𝜎
′/𝑝𝑎 )

0.5 by Jamiolkowski 

et al. (Jamiolkowski et al., 2003), with 𝑏𝑥 = 0.675 (see Fig. 58.c). Parameter 𝛽 was defined 

following equation (76). To do so, the peak friction angle 𝜑 was computed based on the CPT 

results. The correlation tan𝜑 =  1/2.68 (log(𝑞𝑐/𝜎′) + 0.29) by Robertson and Campanella 

(Robertson & Campanella, 1983) was used for that purpose (see Fig. 58.c). The 𝛽 profile was 

then computed using the values of the 𝜑 profile and 𝐷𝑟 profile. Parameter 𝑛𝐵 was calibrated 

to provide the best response under monotonic loading. Hence, the resulting calibration value 

for 𝑛𝐵, also accounts for installation effects. It was found that a value of 𝑛𝐵 = 0.3 provided 

an accurate simulation of the pile response with the proposed model.  

 

Fig. 58 Site exploration reported by (W. Li et al., 2015, 2017). a) CPT (𝑞𝑐 ). b) 𝐷𝑟 

computed from CPT results. c) 𝜑 computed from CPT results. 
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In the static lateral loading test PS2, a horizontal force was applied to the monopile at 

increments of 10 kN until reaching a value of 𝐻 = 110 kN. A hydraulic jack was used for 

this purpose. The load eccentricity was ℎ = 0.4 m. The test was instrumented with Linear 

Variable Differential Transformers (LVDTs) above the ground surface to obtain the pile 

lateral displacements. The measured load-displacement curve at ground level is shown in 

Fig. 59.a along with the predicted curve by the proposed model. Despite that a good 

agreement is in general observed, some discrepancies are shown for loads greater than 50 

kN. In the cyclic lateral loading test PC2, the monopile was subjected to multi-amplitude 

lateral cyclic loading. The load was applied at a distance above the ground level of ℎ = 0.4 

m using a hydraulic jack and the pile head displacements were measured using a series of 

LVDTs. One-way cyclic loading was considered, which means that the minimum and 

maximum values of applied force were zero and 𝐻 = 𝐻max = 2 𝐻amp. Three sequential 

loading series with 𝐻max = {33; 44; 77} kN were applied to the test pile. The number of 

loading cycles for each loading series was 𝑁 = {1054; 1305; 814} respectively, which 

results in a total number of loading cycles of 𝑁 = 3173. As previously done in Section 5.3.4, 

the  iner’s rule based superposition method was employed with the proposed model to 

obtain the accumulated pile displacement due to cyclic loading. The results are compared to 

the experimental measurements in Fig. 59.b, which shows the increase of pile displacements 

at ground level due to cyclic loading ∆𝑦𝑁. The later was computed as ∆𝑦𝑁 = 𝑦𝑎𝑐𝑐 − 𝑦𝑠𝑡𝑎, 

where 𝑦𝑎𝑐𝑐 is the accumulated displacement at ground level due to 𝑁 loading cycles and 𝑦𝑠𝑡𝑎 

is the pile displacement at 𝑧 = 0 m for 𝑁 = 1 where 𝐻 = 𝐻𝑎𝑣𝑒 = 𝐻𝑎𝑚𝑝 (see Fig. 38). For 

the field test, 𝑦𝑎𝑐𝑐 was computed from the accumulated displacement produced by the 

maximum force at each cycle. In general, a congruent prediction is obtained, although a small 

underestimation of ∆𝑦𝑁 for the first two load packages is noted. 

 

 

Fig. 59 Evaluation of the performance of the proposed model against field tests results by 

(W. Li et al., 2017) and (W. Li et al., 2015). 
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6.  

Chapter 6: Conclusions and Outlook 

 
6.1. Summary of conclusions 

This research project analyzed the behavior of laterally loaded monopiles in sands using 

three-dimensional finite element modelling and one-dimensional finite difference modelling 

techniques. First, a comprehensive parametric study was conducted in which the pile 

response under monotonic lateral loading was evaluated through 3D FE simulations 

considering different pile geometries, soil materials and loading cases. The analysis was 

oriented for laterally loaded monopiles embedded in sands with diameters between 𝐷 = {5 −

7} m and embedment lengths between 𝐿 = {20 − 30} m and for soil’s relative densities 

between 𝐷𝑟 = {40%− 80%}. Advanced constitutive models for the soil were implemented, 

namely the hypoplastic model for sands by von Wolfersdorff (von Wolffersdorff, 1996) 

extended with the intergranular strain concept by Niemunis and Herle (Niemunis & Herle, 

1997), which allowed for accurate estimations of the soil behavior.  

Based on the FE simulation results, it was concluded that a simplification of the pile behavior 

as purely rigid or flexible is not suitable for large diameter monopiles. This is because all 

monopiles within the studied range of pile geometries presented rotational as well as flexural 

motion. The FE simulations also showed that non-negligible displacements at the pile base 

were generated even at low loading conditions. This led to further analysis of the base shear 

reaction which was extracted from the FE simulations and carefully examined. It was found 

that this reaction has a non-linear relationship with the base pile displacements and depends 

not only on the pile geometry but also on the soil’s relative density. Different aspects of the 

pile response were also studied using the FE simulations results such as the resulting 

deflection curves, load-displacements curves, depth of the pile rotation point and evolution 

of the horizontal stresses in the regions near the pile.  

Subsequently, a 1D model based on the Beam on a Non-Linear Winkler Foundation approach 

was proposed as a simplified practical tool to improve the modelling and design of monopiles 
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under monotonic and long-term cyclic lateral loading conditions. The proposed model 

considered new relationships for the ultimate soil resistance 𝑝𝑢 and soil reaction 𝑝, and 

introduced an equation for the base shear reaction 𝑆𝐵. These relationships were calibrated 

using the results from the conducted FE simulations. The equation for 𝑝𝑢 allowed for a direct 

dependency on the soil’s relative density and presents a non-linear distribution with depth. 

The equation for 𝑆𝐵 allowed for an acceptable prediction of the measurements from the FE 

simulations. In addition, a cyclic factor 𝑓𝐴 was proposed to simulate the response of 

monopiles under long-term cyclic lateral loading conditions. The proposed factor considers 

the effect of the soil’s relative density and some loading characteristics such as number of 

loading cycles and the amplitude and average values of the applied cyclic loading. FE 

simulations results of monopiles under cyclic loading reported in the literature were used to 

calibrate the equation for 𝑓𝐴. The proposed model showed a good performance when 

compared to results from FE simulations as well as to results from field and centrifuge tests. 

However, further development of the proposed model may be achieved by considering a 

wider range of pile geometries and soil conditions.  

6.2. Outlook 

This section presents some suggestions for further research related to the topics of this work. 

First, regarding the numerical modelling of monopiles, there is still a potential for 

improvement of the modelling techniques. When modelling displacement piles, such as 

offshore wind turbine monopiles, the effects of pile installation may play a significant role 

on the initial stress and density fields around the monopile. This work adopted a simplified 

“wished-in-place” approach which does not simulate the effects caused by the pile 

installation. Therefore, the incorporation of such effects in the FE simulations and the 

corresponding recalibration of the proposed 𝑝-𝑦 model are topics that could constitute the 

basis for a new stage of this work. This, however, is a challenging task given the complex 

nature of the pipe pile installation process. During the latter, the soil undergoes large 

deformations which can not be numerically simulated using common approaches based on 

the Lagrangian formulation, such as the one adopted for this work. Instead, alternative 

sophisticated numerical approaches that allow the simulation of large soil deformations may 

be adopted.  

Moreover, a worthy extension of this work would be to incorporate additional experimental 

data from large scale field testing or laboratory studies that allow to evaluate and compare 

the performance of different modelling techniques, and hence, to upgrade the state-of-the-art 

knowledge about the numerical modelling of these problems. Specifically, given the complex 

behavior of the soil under long-term cyclic loading, additional experimental studies on this 

topic considering a larger number of cycles 𝑁 > 106 are required. Also, a sensitivity analysis 

on the size of the soil elements near the pile base and the effects on the extracted FE 

simulation results may be also valuable to further understand the stress-strain behavior near 
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the base of the pile and to validate the obtained results in this work. In addition, this work 

may be extended by evaluating different types of soil or pile geometries outside of the studied 

range. Precisely, the analysis of monopiles with larger diameters and embedded in layered 

soils may be considered as valuable topics of research by the industry. In case of evaluating 

cohesive soils, the simulation of consolidation effects may be a particular topic for further 

research. The adopted modelling technique in this work can not simulate such effects, and 

therefore a different technique should be adopted to simulate important aspects such as the 

accumulation of excess pore pressure during load application and its dissipation over time. 

Regarding the development of the simplified design tool for large diameter monopiles, a new 

stage to continue this work may be based on two essential aspects. The first aspect is to 

incorporate additional and improved finite element simulation results that serve as a basis for 

recalibration and evaluation of the 𝑝-𝑦 model. The proposed model was calibrated for a 

certain range of pile geometries and granular soils. Its verification and the extension of its 

range of applicability may be a subject for further research. The second aspect is to adopt 

more advanced calibration methods for the 𝑝-𝑦 model, such as Bayesian analysis, that allows 

to make statistical inferences concerning the different parameters of the model. 
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